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Executive Summary

The Next Generation Nuclear Plant (NGNP), which is an advanced high temperature gas
reactor (HTGR) concept with emphasis on production of both electricity and hydrogen, involves
helium as the coolant and a closed-cycle gas turbine for power generation with a core outlet/gas
turbine inlet temperature of 900-1000*C. In the indirect cycle system, an intermediate heat
exchanger is used to transfer the heat from primary helium from the core to the secondary fluid,
which can be helium, nitrogen/helium mixture, or a molten salt. The system concept for the vary
high temperature reactor (VHTR) can be a reactor based on the prismatic block of the GT-MHR
developed by a consortium led by General Atomics in the U.S. or based on the PBMR design
developed by ESKOM of South Africa and British Nuclear Fuels of U.K.

This report has made a preliminary assessment on the issues pertaining to the intermediate
heat exchanger (IHX) for the NGNP. Two IHX designs namely, shell and tube and compact heat
exchangers were considered in the assessment. Printed circuit heat exchanger, among various
compact heat exchanger (HX) designs, was selected for the analysis. Irrespective of the design,
the material considerations for the construction of the HX are essentially similar, except may be in
the fabrication of the units. As a result, we have reviewed in detail the available information on
material property data relevant for the construction of HX and made a preliminary assessment of
several relevant factors to make a judicious selection of the material for the IHX.

The assessment included four primary candidate alloys namely, Alloy 617 (UNS N06617),
Alloy 230 (UNS N06230), Alloy 800H (UNS N08810), and Alloy X (UNS N06002) for the IHX.
Some of the factors addressed in this report are the tensile, creep, fatigue, creep fatigue,
toughness properties for the candidate alloys, thermal aging effects on the mechanical properties,
American Society of Mechanical Engineers (ASME) Code compliance information, and
performance of the alloys in helium containing a wide range of impurity concentrations.

A detailed thermal hydraulic analysis, using a model developed at ANL, was performed to
calculate heat transfer, temperature distribution, and pressure drop inside both printed circuit and
shell-and-tube heat exchangers. The analysis included evaluation of the role of key process
parameters, geometrical factors in HX designs, and material properties. Calculations were
performed for helium-to-helium, helium-to—helium/nitrogen, and helium-to-salt HXs. The IHX
being a high temperature component, probably needs to be designed using ASME Code Section
Ill, Subsection NH, assuming that the IHX will be classified as a class 1 component. With input
from thermal hydraulic calculations performed at ANL, thermal conduction and stress analyses for
both compact and shell-and-tube HXs were performed.

Several conclusions were drawn from this assessment:

* In general, majority of materials research and development programs in support of HTGRs
were conducted in the 1960s to early 1980s. The thrust of these programs was to develop
a database on materials for application in steam-cycle and process-nuclear-heat based
HTGRs. Very little work was done on materials with emphasis on direct and/or indirect
gas-turbine-based (of interest for IHX in NGNP) HTGRs during this period.

* Among the four candidate materials, Alloy 800H is code certified for temperatures only up
to 760°C for use in nuclear systems and therefore, the temperature limit is not high
enough for application of this alloy in the NGNP IHX. Neither Alloy 617 nor Alloy 230 is
currently allowed in ASME Code Section lll, although both are allowed in Section VIII,



Division 1 (for non-nuclear service). A draft code case for Alloy 617 has been developed
but is not approved by the ASME Code. A limited database exists for Hastelloy X. Since
the high temperature scaling in Hastelloy X has not been adequate, a modified version
Hastelloy XR has been developed in programs conducted in Japan for which the U.S. has
little access for both evaluation and for ASME Code qualification.

Specific conclusions pertaining to materials database for Alloys 617 and 230 are as
follows:

- Alloy 617: Composition refinement is necessary to achieve consistent mechanical
properties and precise evaluation of microstructural effects on mechanical performance.
There is a need to generate additional mechanical property data, especially on creep
fatigue behavior with and without hold time. The analysis showed that the damage
under creep-fatigue conditions is much more than predictions based on the linear rule.
Additional data on creep-fatigue under different loading scenarios are needed to
develop a predictive capability on creep fatigue damage in the alloy, especially in
helium purity levels typical of gas-turbine-based HTGRs. There is a need to establish
corrosion regimes in helium with impurity levels anticipated in gas-turbine-based reactor
system. Microstructural and mechanical property characterizations are needed for thin
section materials, especially for use in compact HXs. It is necessary to validate the
effect of system pressure on the corrosion performance of the alloy in impure helium.
Tests are needed to verify that the tensile, creep, and creep-fatigue strengths of the
diffusion bonded Alloy 617 joints used in the compact HX are adequate.

- Alloy 230: Limited data are currently available on the mechanical property for the alloy.
Data on Long term aging effects on the mechanical property need to be generated.
There is lack of information on the long-term corrosion performance of the alloy in
helium of relevant impurity levels. Microstructural and mechanical property
characterizations are needed for thin section materials, especially for use in compact
HXs. The effect of system pressure on the corrosion performance of the alloy in impure
helium needs evaluation.

Significant R&D will be needed to qualify Alloy 617 under ASME Code Section Il for high
temperature applications, even though some design-relevant material properties are given
in the draft code case for temperatures up to 982°C. The ratcheting rules, that were
limited to <650°C in the draft code case, need to be expanded to allow higher
temperatures. At present, there is insufficient data for Alloy 230 to develop a code case
for elevated temperature application. If the IHX is classified as a Class 2 or Class 3
component, new Code Cases need to be developed for high temperature applications.

Design rules of Subsection NH of the ASME Code, which were developed for shell like
structures (such as shell-and-tube HX), are not strictly applicable to the compact three-
dimensional honeycomb structures of PCHE. New design rules and analyses tools are
needed for this type of structure.

A thermal hydraulic model has been applied to NGNP IHX conditions to calculate the
required size of the HX. Sensitivity study of HX parameters was conducted for helium-to-
helium, helium-to-helium/nitrogen, helium-to-salt heat transfer. Calculations were made to
compare the performance of a compact heat exchanger with a shell-and-tube heat
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exchanger. The results showed a reduction in compact HX volume of factors of 30
(compared to a shell-and-tube HX without ID and OD fins) and 5 (compared to a shell-and-
tube HX with ID and OD fins), respectively. The pressure drop increases for the hot side
for the compact HX were factors of 512 (without fins in shell-and-tube HX) and 8 (with fins
in shell-and-tube HX). The corresponding pressure drop increases for the cold side for the
compact HX were factors of 875 (without fins in shell-and-tube HX) and 12 (with fins in
shell-and-tube HX). The results also showed that for an IHX heat duty of =45 MWt, =20
compact heat exchangers would be required based on the fabrication size limit used in the
calculations.

For a reactor outlet temperature and pressure of 900°C and 7 MPa, respectively, and a
secondary side inlet temperature and pressure of 575°C and 1.95 MPa, respectively, the
allowable design life (based on in-air tensile and creep rupture strengths of Alloy 617) of
the compact IHX is 80,000 h and that of the shell and tube IHX (for the tube size selected)
is 20,000 h. These design lifetimes are based on analyses of the IHX core and further
reduction in life may result from interaction of the core region with the header region. The
design lifetimes may also decrease, if thin section creep properties (which are generally
less than those of thicker materials) are considered. In addition, the effect of impure
helium on creep properties needs to be incorporated in the design data and in the lifetime
calculations. At high temperatures, Alloys 617 and 230 have almost identical YS and UTS
and have similar creep rupture properties. Therefore, replacing Alloy 617 with Alloy 230
may not lead to longer design lifetime for the IHX unless the performance of Alloy 230 in
NGNP helium is significantly superior to that of Alloy 617.
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Preliminary Issues Associated with the Next
Generation Nuclear Plant Intermediate
Heat Exchanger Design

1. Introduction

In the coming decades, the United States and the entire world will need energy supplies to
meet the growing demands due to population increase and increase in consumption due to global
industrialization. One of the reactor system concepts, the Very High Temperature Helium Cooled
Reactor System (VHTR) has been identified as uniquely suited for producing hydrogen without
consumption of fossil fuels or the emission of greenhouse gases [Generation IV 2002]. The U.S.
Department of Energy (DOE) has selected this system for the Next Generation Nuclear Plant
(NGNP) Project, to demonstrate emissions-free nuclear-assisted electricity and hydrogen
production within the next 15 years.

The NGNP reference concepts are helium-cooled, graphite-moderated, thermal neutron
spectrum reactors with a design goal outlet helium temperature of =1000°C [MacDonald et al.
2004]. The reactor core could be either a prismatic graphite block type core or a pebble bed core.
The use of molten salt coolant, especially for the transfer of heat to hydrogen production, is also
being considered. The NGNP is expected to produce both electricity and hydrogen. The process
heat for hydrogen production will be transferred to the hydrogen plant through an intermediate
heat exchanger (IHX).

The basic technology for the NGNP has been established in the former high temperature
gas reactor (HTGR) and demonstration plants (DRAGON, Peach Bottom, AVR, Fort St. Vrain,
and THTR). In addition, the technologies for the NGNP are being advanced in the Gas Turbine-
Modular Helium Reactor (GT-MHR) project, and the South African state utility ESKOM-sponsored
project to develop the Pebble Bed Modular Reactor (PBMR). Furthermore, the Japanese HTTR
and Chinese HTR-10 test reactors are demonstrating the feasibility of some of the planned
components and materials.

The proposed high operating temperatures in the VHTR place significant constraints on the
choice of material selected for the IHX for both the PBMR and prismatic design. The main focus
of this report is the IHX for both design concepts with emphasis on material selection, long term
performance, and viability.

2. Intermediate Heat Exchanger Requirements

Several different potential plant design configurations for the NGNP with either direct or
indirect power conversion cycles and integrated IHX designs were proposed and evaluated by
Davis et al. [2005]. These configurations included IHX designs in parallel or in series with the
NGNP power conversion system. In the serial designs, the total primary system flow from the
reactor outlet passes through the IHX where approximately 50 MWt is transferred to the
intermediate loop to drive the hydrogen production process. In these designs, heat is extracted
from the primary fluid at the highest possible temperature (the reactor outlet temperature) for
delivery to the hydrogen production process, while the power conversion system receives a
slightly lower temperature fluid. In the parallel designs, the flow from the reactor outlet is split,
with a small fraction of the flow (approximately 10%) going to the IHX to drive the hydrogen
production process, while the majority of the flow is delivered to the power conversion system for



electrical power production. In these designs, both the hydrogen production process and the
power conversion system receive the highest possible temperature fluid. Harvego [2006] has
discussed the possible configurations for the design of IHX for NGNP and established the pros
and cons of each configuration. Based on the design, he also established the flow rates,
temperatures distribution through the loops, and other IHX requirements. Based on results from
his study, we have selected 900°C reactor outlet temperature as the base case.

The purpose of the IHX in NGNP is to transfer the heat from the nuclear reactor to the
hydrogen production facility. Due to safety concerns, the hydrogen production facility cannot be
integrated into the nuclear power production plant and the heat generated in the reactor may
need to be transported over significant distances to the hydrogen production plant [Lillo et al.
2005]. The IHX must be robust enough to effectively transfer the heat from the reactor outlet
helium at 900-1000°C to the secondary system. The hydrogen production facility requires a
minimum temperature of 800°C for the thermochemical production of hydrogen (e.g., Sulfur-
lodine cycle) and about 700°C for high temperature electrolysis of water [Independent Technology
Review Group 2004]. Therefore, the components of the heat transport system will be subjected to
elevated temperatures for long times where adequate and reliable performance of materials is
critical. This report addresses several of the key issues related to material selection,
performance, heat transfer characteristics, fabrication, long-term reliability, and technology gaps.

21 IHX Design Concepts

Three potential IHX design concepts, namely shell and tube, plate and fin, and compact
heat exchangers, are possible for the transfer of heat from the primary helium to the secondary
system. Compared to shell and tube heat exchangers, the compact HXs are characterized by a
large heat transfer area per unit volume of the exchanger, resulting in reduced space, weight,
support structure, and material cost.

The shell and tube exchanger is generally built of round tubes in a cylindrical shell with the
tube axis parallel to that of the shell. One fluid flows inside the tubes and the other flows across
and along the tubes. The major components of this exchanger are tubes, shell, front-end head,
rear-end head, baffles, and tubesheets.

The pate-type heat exchangers are usually built of thin plates. The plates are either smooth
or have some form of corrugation which could be either flat or wound in an exchanger. McDonald
[1996] made a detailed review of the plate and fin heat exchanger requirements for process heat-
modular helium reactor (PH-MHR) application. The review identifies several technical issues and
the development of the IHX to be a formidable task. The plate type exchangers will not be
considered further in the current assessment.

Compact heat exchangers or printed circuit heat exchangers, which can substantially reduce
the size of the unit for a given thermal capacity, have the potential for application in NGNP
system. Additional details on such exchangers will be discussed later in this report.

211 Gas-to-Gas Heat Exchanger
Model Description
The thermal hydraulic model has been developed to calculate heat transfer, temperature

distribution, and pressure drop inside a heat exchanger (HX). The model is one dimensional,
meaning that it is assumed that all channels on one side are identical and the calculations are



done for one hot channel and one cold channel. Thus, any edge effects, such as heat losses
though HX outside surface, are ignored. The model also assumes that the flow inside the HX is
counter-flow, i.e. any heat transfer in flow distribution regions is ignored. Also the model is for
single-phase fluids only and it is assumed that there is no phase transition inside the HX.

The model takes into account the fluid properties variation along the channel length. The
channel length is divided into a number of regions. Inside each region the fluid properties are
assumed to be constant, but the properties vary from region to region. For each region the heat
transfer equations are solved to calculate the temperature changes in the region for both fluids.
Also, the pressure drop for each region is calculated. The heat transfer equations, as well as their
solution are described elsewhere [Moisseytsev 2003].

The input data for the model include:

- Hot and cold side fluids,

- Hot and cold side inlet conditions (temperature and pressure),

- Hot and cold side flow rates,

- Number of HX units and unit dimensions (length, height and width, or diameter),

- HX-type specific information to describe the channel geometry (e.g., tube inner and outer
diameter, tube pitch, etc.),

- HX (tube) material,

- Heat transfer correlation to use,

- Number of regions along the channel, and

- Required accuracy of the calculation.

The output data (results) of the model are:

- Hot and cold sides outlet temperatures and pressures,
- HX heat duty, and
- Pressure and temperature distribution along the channel inside the heat exchanger.

2111 Shell-and-Tube Heat Exchanger

Shell-and-tube heat exchanger is a HX consisting of number of tubes placed inside a
volume (shell). Although there are several types of shell-and-tube heat exchangers, only a
counter-flow straight-tube design is considered in this report.

The geometric parameters that are required to establish the HX geometry for the model
include:

- Tube inner diameter and wall thickness,

- Tube length,

- Tube pitch and arrangement (triangular or square),
- Shell inner diameter, and

- Tube side fluid (hot or cold).

The model has a capability of taking into account the heat transfer surface enhancement by
utilization of tube surface fins (Fig. 2.1). The effect of the fins on the heat transfer and how it is
taken into account in the model is described elsewhere [Moisseytsev 2003]. If fins are used, their
parameters (number of fins, length, and thickness) also need to be specified in the input data.



Figure 2.1. Possible tube configurations: a) bare tube, b) fins on outer
surface, c) fins on inner surface, and d) fins on both surfaces.

The pressure drop is calculated as a frictional pressure drop along the tube surface only, i.e.
pressure loss that is associated with flow distributors or collectors as well as friction along the
shell surface are neglected.

211.2 Compact Heat Exchanger
Heat Exchanger Design

A compact heat exchanger is a heat exchanger (HX), which achieves volume reduction
compared to conventional (e.g., shell-and-tube) heat exchanger through special design features.
The most common design feature to achieve compactness has been small channel size. Among
compact heat exchangers, the most advanced at present is a Printed Circuit Heat Exchanger
(PCHE) developed by Heatric Division of Meggitt (UK) Ltd [Heatric 2006, Li et al. 2006]. PCHE
consists of metal plates on the surface of which millimeter-size semicircular channels are
chemically etched. Subsequently, the plates then are diffusion bonded together to fabricate a HX
core (see Fig. 2.2). Flow distributors could be integrated into plates or could be welded outside
the core depending on the design. Several PCHE concepts have been developed by Heatric and
a platelet configuration, shown in Fig. 2.3, has been selected for present analysis since it has
advantages of shortest flow distribution region compared to the counter-flow region. In this
configuration, the flow distributors are integrated into the plates. Following a small flow
distribution region, the flow is purely counter-flow.

The internal configuration of a PCHE is proprietary information of Heatric. Therefore, some
parameters, such as channel diameter, can only be assumed and may not represent the actual
PCHE configuration shown in Fig. 2.3. Each PCHE is a custom-built heat exchanger in that the
PCHE technology allows variation of configuration parameters (channel diameter, plate thickness,
channel angles, and so on) to fit the specified task. The current fabrication limits are 1.5 m x 0.6
m on plate dimension and 0.6 m on stack height.

PCHE Model Description

Figure 2.3 shows the PCHE configuration for the model. It demonstrates that the PCHE
consists of plates stacked one hot plate for one cold plate. It also shows the assumed channel
cross-section (semi-circular) as well as the computational cell. Figure 2.3 also shows that the
calculations are done assuming counter-flow region, i.e. the heat transfer in the flow distribution
regions is ignored. Although Fig. 2.3 shows the straight flow, the model actually allows for the
zigzag channels with different zigzag angles on different sides as defined in Figure 2.4 to
represent actual PCHE channel configuration (Fig. 2.2). Figure 2.4 also demonstrates the
relationship between the channel length and the HX length.
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The geometric input data for the PCHE model include:

- Number of HX units and unit outside dimensions (length, width, and height),

- Length of header (flow distribution region) on each side (top and bottom of Fig. 2.3),

- Pressure boundary thickness (regions without channels on left and right sides in Fig. 2.3),
- Channel zigzag angle on each side,

- Channel diameter (assumed the same on both sides),

- Channel pitch-to-diameter ratio (assumed the same on both sides), and

- Plate thickness-to-channel diameter ratio (assumed the same on both sides).

Since the calculations are done for the counter-flow (heat transfer) region only, the
calculated pressure drop should be corrected to take into account flow distribution regions and
headers. The pressure drop in flow distribution region depends on the region internal
configuration, which is unknown. Still, in order to account for pressure losses outside the heat
transfer region, some value for the ratio of the pressure drop in the heat transfer region to the total
HX pressure drop is assumed in the model. This ratio is also the input to the model.

The heat transfer and pressure drop correlations used in the current PCHE model are
different from those reported earlier [Moisseytsev 2003]. The new correlations were obtained by
validating the PCHE model against the test data from PCHE tests performed at Argonne National
Laboratory (ANL). According to the PCHE purchase agreement, any information obtained in the
tests should be approved by Heatric for public release. The heat transfer and pressure drop
correlations are considered by Heatric as commercial information; the correlations are now
pending permission from Heatric for release.



3. Materials of Construction

The IHX of the NGNP is required to withstand high temperatures (850-950°C) for long-life
without mechanical property degradation and to resist corrosion/oxidation and erosion from a fast
flowing impure helium coolant. The primary materials that can withstand such high temperatures
are nickel-based superalloys. Four metallic materials have been identified as candidate materials
for the construction of the NGNP IHX. These include UNS 06617 (Alloy 617), UNS 06230 (Alloy
230), UNS 08810 (Alloy 800H), and UNS 06002 (Hastelloy X). The elemental composition of
these alloys is given in Table 3.1 [ASME Code 2004]. Different ASME specifications (SB-564 for
forgings, etc) exist for these materials based on the product form but all of them have the same
composition specification. Ceramic materials, in general, have superior high temperature strength
than metals; but, their inherent brittleness makes machining and fabrication of ceramic HXs a
challenge. Also, there is limited experience manufacturing heavy duty, elevated temperature heat
exchangers that are anticipated for the NGNP. These factors have ruled out ceramic heat
exchangers as candidates.

Table 3.1. Composition (wt.%) specification of candidate IHX materials [ASME Code 2004]

Material/Common UNS 06617 UNS 06230 UNS 08810 UNS 06002

Name (Alloy 617) (Alloy 230) (Alloy 800H) (Hastelloy X)

Nominal 52Ni-22Cr-13Co- 57Ni-22Cr-14W- 47Ni-22Cr-9Mo-

Composition 9Mo 2Mo-La 33Ni-42Fe-21Cr 18Fe

Element

C 0.05-0.15 0.05-0.15 0.05-0.1 0.05-0.15

Cr 20.0-24.0 20.0-24.0 19.0-23.0 20.5-23.0

Ni 44.5 min. Balance 30.0-35.0 Balance

Mn 1.0 max. 0.3-1.0 15 1.0 max.

Mo 8.0-10.0 1.0-3.0 - 8.0-10.0 max.

Al 0.8-1.5 0.2-0.5 0.15-0.6 -

Ti 0.6 max. - 0.15-0.6 -

Fe 3.0 max. 3.0 max. 39.5 min. 17.0-22.0

Si 1.0 max. 0.25-0.75 1.0 max. 1.0 max.

P, max. 0.030 0.030 - 0.040

S, max. 0.015 0.015 0.015 0.030
Co: 10.0-15.0, B: W: 13.0-15.0, Co:5.0 Co: 0.5-2.5, W: 0.2-
0.006 max., Cu: 0.5 max., B: 0.015 max., 1.0

Others max. La: 0.005-0.050 Cu: 0.75

Heat treatment Solution annealed Solution annealed Solution annealed Solution annealed

3.1  Metallic Alloys

This subsection will present elevated temperature mechanical properties of the four
candidate materials in air as well as in helium environments. The data presented in this Section
are mainly obtained from a previous report on High Temperature Gas-cooled Reactors [Natesan
et al. 2003], which reviewed data from the U.S., European, and Japanese programs obtained
during the late 1970s and early 1980s. Furthermore, any available data from the current Gen
IV/IVHTR program are also presented.

31.1  Alloy 617 (UNS N06617)

Alloy 617 is an austenitic alloy based on nickel-chromium with further alloying additions of
cobalt, molybdenum, and aluminum. The alloy has exceptional creep strength at temperatures



above 870°C, enhanced by solution strengthening from molybdenum and cobalt additions. It has
good cyclic oxidation and carburization resistance, imparted by the chromium and aluminum
additions. The alloy retains toughness after long-time exposure at elevated temperatures and it
does not form embrittling phases such as, sigma, mu, chi, or Laves. It has good weldability and
lower thermal expansion than most austenitic stainless steels. As a result, the alloy has been
extensively studied for application at elevated temperatures in HTGRs, and is the primary
candidate for construction of the IHX for the NGNP.

Extensive studies on mechanical properties were conducted at ORNL [McCoy 1985,
Strizak, 1982], GE [Baldwin 1986], and Huntington Alloys specifically aimed at HTGRs. The
Aerospace Structural Metals Handbook [1994] also gives a compilation of mechanical properties
of Alloy 617. Figure 3.1 shows the variation of yield and ultimate tensile strengths with
temperature of as-received Alloy 617 [McCoy and King 1985]. A complete summary of these
results is given elsewhere [Ren and Swindeman 2005]. Figure 3.2 gives the tensile behavior from
the French VHTR program conducted under the current Gen |V program [Burlet et al. 2005]. As
shown in Fig. 3.2a, the yield strength of Alloy 617 typically drops from room temperature up to
about 400°C, roughly stays constant between 400-800°C, beyond which it decreases again. The
reason for the increase in yield strength from 600 to 750°C as seen in Fig. 3.1 is not established.
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3.1.1.1 Creep Behavior in Air

Several studies have been conducted to evaluate the creep and rupture properties of Alloy
617 at temperatures >650°C [McCoy and King 1985, Baldwin 1986, Schubert et al. 1984, Tanabe
et al. 1984, Cook 1984, Schneider et al. 1984, Osthoff et al. 1984]. A database has been
developed for the alloy that includes (1) creep properties such as time for 1% strain and time to
rupture, (2) correlation between secondary creep rate and applied stress, and (3) correlations
using the Larson-Miller parameter to depict time for 1% creep strain and rupture as functions of
test time and temperature. Data have been generated up to test times of 40,000 h and in multiple
heats of the alloy. Figure 3.3 shows the creep behavior for different heats of Alloy 617 from the
previous US HTGR programs [McCoy and King 1985, Baldwin 1986]. It is evident that there is
heat-to-heat variation of the creep behavior that signifies the importance of composition control.
The grain size of Heat A is =130 um and that of Heat B is =210 um but, surprisingly the creep
strength of Heat A is better as seen in Fig. 3.3. Reason for this is not established. In Baldwin’s
[1986] work, the grain size of the two heats, Heat 1 and Heat 4 are unknown but from the figure it
appears that Heat 1 is coarser than Heat 4. As will be seen in a later section, varied creep
behavior for different heats was also observed in helium environments. The impurities in helium
in the ORNL work [McCoy and King 1985] were 337 ppm H;, 32 ppm CH,4, 19 ppm CO, 2 ppm
H.O, and <0.5 ppm N,. Oxygen was removed by reaction with H, as the gas passed through a
furnace at 500°C. In the GE study [Baldwin 1986], the impurities were 40075 ppm H,, 2+0.75
H,0, 40+7.5 CO, 0.2+0.05 CO,, 20+7.5 CH4, and 6+3 N,. However, it should be mentioned that
the helium concentration varied considerably between the inlet and the outlet of the test chamber.
Also, the total pressure of the test chamber was =2 atm.
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Figure 3.3. Heat-to-heat variation of creep behavior of Alloy 617 from past US HTGR programs
(a) stress vs. time to 1% strain (b) stress vs. rupture life. [McCoy and King 1985, Baldwin
1986]. Grain sizes of Heats A and B were 130 and 210 um, respectively.

To address the issue of heat-to-heat variation, ORNL has performed microstructural and
mechanical characterization of CCA 617 alloy, which is a controlled chemistry version of standard
Alloy 617 [Shingledecker et al. 2005]. The study so far suggests that CCA 617 has better creep
strength up to about 750°C but above 750°C, the creep strength of CCA 617 and standard 617
are anticipated to be similar. The increase in creep strength is believed to be due to ¥’



precipitation until 750°C and re-solution of the same in the matrix beyond that temperature.
Based on existing knowledge of creep data of standard Alloy 617 and CCA 617, ORNL is
developing another composition of Alloy 617 termed GenlV617 specifically aimed for Gen IV
VHTR applications. The elemental composition of GenlV617 is within the limits of ASTM/ASME
specification for standard Alloy 617. In addition, GenlV617 is slated to contain small amounts of P
and N. There is no mechanical property or microstructural results available on this GenlV617
composition as of this report date. The development of GenlV617 is in its early stages and the
composition is still evolving. Details on this on-going research on the composition-refined alloy,
GenlV617, can be found elsewhere [Ren and Swindeman 2005/504].

Creep results from the previous German program on HTGRs are shown in Figs. 3.4-3.8.
Figure 3.4 shows the experimental data on 1% creep strain as a function of applied stress at
temperatures between 800 and 1000°C. Figure 3.5 shows similar data for rupture time at several
temperatures. Figure 3.6 shows a plot that relates the secondary creep rate to the applied stress
at several temperatures. Figures 3.7 and 3.8 show correlations using the Larson-Miller parameter
to depict time for 1% creep strain and rupture as functions of test time and temperature.
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In addition to the past HTGR U.S. and German programs, the current Generation IV
partners have conducted creep tests on Alloy 617. Figure 3.9 shows the creep rupture behavior
of candidate heat exchanger materials in air environment from the Korean program on high
temperature materials [Ryu 2005]. As evident in the figure, Alloys 617 and 230 have the best
creep rupture behavior followed by Hastelloy X and then 800H. No information on grain size was
available.
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3.1.1.2 Fatigue Behavior in Air

Low-cycle fatigue, thermal-fatigue, creep-fatigue, and crack-growth rate tests on Alloy 617
have been conducted by several researchers to establish the susceptibility of the alloy to cyclic
loading and also to evaluate the role of surface interactions of coolant on the fatigue crack
initiation and propagation [Strizak et al. 1982, Meurer et al. 1984, Hsu 1991]. Figure 3.10 shows
the fatigue behavior of Alloy 617 and several conventional materials at 538°C [Strizak et al. 1982].
Figure 3.11 shows the low-cycle fatigue results in air environment [McGreevy et al. 2005]. As
seen in the figure, results from both studies are comparable. Figure 3.12 shows the low-cycle
fatigue behavior of Alloy 617 at 760, 871 and 982°C [Srivastava and Klarstrom 1990]. As
expected, the fatigue life decreases at higher temperatures. Furthermore, the figure indicates that
up to =10 cycles, the fatigue life decreases sharply with increasing temperature. At higher cyclic
strain ranges (and lower lives), failure predominantly occurs by mechanical loading whereas at
lower cyclic stress ranges (and higher lives), the effects of material microstructure and
environment on failure mechanisms and resulting fatigue life are significant.
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304 stainless steel Figure 3.10. Comparison of
S Alloy 718 Hastelloy X fatigue behavior of Alloy 617
S oL A | and several conventional
qg’? E Alloy 617 3 materials at 538°C. Lines
g : represent best fit of
£ AISI 1010 steel experimental data [Strizak et
B 107 L | al. 1982].
2 : 2.25Cr-1MO steel (annealed)
}_
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Meyer-Olbersleben [1999] evaluated the thermal-fatigue behavior of Alloys 617 and 230 in
air using flat single-wedge plate specimens at maximum cycle temperatures 850-1050°C, by
using high frequency induction heating techniques. Thermal cycling was performed between
200°C and a maximum cycle temperature. A thermal fatigue cycle included heating at constant
energy input for 60 s up to the maximum cycle temperature followed by cooling at constant air
pressure during 20 s to 200°C without hold time. Figure 3.13 shows the effect of maximum cycle
temperature on the number of cycles to crack initiation, which was defined as the time to initiate a
0.3-mm crack on the specimen surface. Figure 3.14 shows the number of cycles to crack
initiation at two different frequencies, and also the variation of crack length with continued thermal
cycling. As evident in the figure, at higher frequency, the time to crack initiation is higher because
higher thermal gradients are induced at the wedge tip compared to the lower frequency thermal
cycling. Figure 3.15 shows the crack initiation life versus mechanical strain range, which was
calculated by subtracting thermal strain range from the total strain range. The total strain was
measured over the gage length of the specimen using an extensometer. Thermal strain was
calculated analytically (thermal strain =aAT), where a, the coefficient of thermal expansion was
measured using dilatometry.
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Creep-fatigue of candidate heat exchanger materials is the most important property (due to
possible vibration and substantial amount welded or diffusion-bonded joints) that needs to be
properly addressed in designing NGNP. The complex interaction of creep and fatigue combined
with high temperature oxidation/corrosion makes creep-fatigue characterization very complicated.
The effect of creep and environment on the fatigue life is illustrated in Fig. 3.16, which
schematically shows the dependence of fatigue rate on the fatigue life at different plastic+creep
strain ranges (Agp). The trend lines shown are only for illustrative purposes and do not represent
any particular material. At very high frequencies, the effect of creep and environment is negligible
and the fatigue life is independent on fatigue rate. As the cyclic rate decreases, both creep and
environmental effects become significant, thereby reducing the overall fatigue life as indicated in
the figure. Furthermore, at a given cyclic rate, the fatigue life reduces with increasing strain
range.
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Table 3.2 shows the low-cycle fatigue behavior of 617 in air environment at 950°C [Baldwin
1986] and Table 3.3 shows the creep-fatigue behavior of the same heat of alloy. Comparison of
the two tables clearly indicates that even a 2 minute hold time significantly reduces the fatigue life
Ns, which is the number of cycles for a 5% decrease in the stress range below the saturation
value. Ns at 0.3% strain range and 0.05 strain rate was 6690 and 9990 as seen in Table 3.2,
whereas with only a 2 minute tensile hold, N5 reduced to 3100 cycles as seen in Table 3.3.
Furthermore, Table 3.3 indicates that for the same strain range and strain rate, a 20 minute hold
time is more detrimental than a 2 minute hold time.

Table 3.2. Low-cycle fatigue data for as-received Alloy 617 in air [Baldwin 1986]

Temperature (°C) Strain range (%) Strain rate (3'1) Life® (Ns) Stress rangeb (MPa)
950 1.0 04 590 441
0.6 0.2 1300 424
04 0.1 2820 412
0.3 0.04 22190 377
0.3 0.05 9990 365
0.3 0.05 6690 372
0.25 0.05 19000 368

*N; is the number of cycles to a 5% decrease in the stress range below the saturation value.
PReported values are at approximately Ns/2.
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Table 3.3. Creep-fatigue response of as-received Alloy 617 at 950°C in air [Baldwin 1986]

Tensile hold time (min)  Strain range (%)  Strain rate (s™) Life® (Ns) Stress range” (MPa)
2 1.0 0.05 420 352
0.6 0.1 850 372
0.4 0.08 2000 374
0.3 0.05 3100 352
20 1.0 0.05 360 316
0.6 0.1 610 363
0.4 0.05 1750 314

*N; is the number of cycles to a 5% decrease in the stress range below the saturation value.
PReported values are at approximately Ns/2.

Preliminary creep-fatigue evaluation of Alloy 617 in air from the current NGNP program is
shown in Fig. 3.17, which indicates the effect of tensile hold time on fatigue life [Williamson and
Wright 2005]. Tests were conducted at 1000°C with a loading/unloading rate of 1x10%/s at total
strain ranges of 0.3 and 1%. It is evident from the figure that a tensile hold time of just one minute
drops the fatigue life significantly at both the applied strain ranges. At 1% strain range, the effect
of hold time on fatigue life appears to saturate. Furthermore, the fatigue life at 1% strain range is
an order of magnitude lower than the life at 0.3% at all hold times. Also, it is evident that the
crack propagation life at 0.3% strain range is higher than at 1%.
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3.1.1.3 Influence of Helium Environment on Creep Properties

Several studies have been conducted in the past HTGR programs to evaluate the
mechanical properties of candidate alloys for structural applications and for power conversion
systems. The mechanical properties evaluated in these studies include creep, creep rupture, low-
and high-cycle fatigue, creep fatigue, and fracture toughness. Mechanical tests were conducted
in a helium environment that contained impurities such as H,, H,0, CH,, CO, and CO,. The

impurity levels were selected to simulate helium environments that contained sufficiently high H,O
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(typical of steam-cycle-based HTGRs) so that the alloys predominantly developed oxide scales on
the surface during mechanical testing.

The creep curves of Alloy 617, especially at elevated temperatures of interest in HTGRSs,
show a monotonically increasing creep rate from the start of the test and virtually no secondary
creep region (see Figure 3.18). This behavior is different from that of austenitic stainless steel,
which distinctly shows primary, secondary, and tertiary creep regimes. Therefore, the creep data
for Alloy 617 rarely include strain and time for onset-of-tertiary creep. At elevated temperatures,
the creep properties of interest are the minimum stress for 1% creep strain and the rupture
strength [Schubert et al. 1983].
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In addition, the creep behavior of the alloy seems sensitive to factors other than
composition, as evidenced by the test data generated on three heats of the alloy (with nominally
the same composition) in a helium environment (see Fig. 3.19). As much as a factor of ten
increase in rupture life was observed for a given applied stress for different heats of the alloy
[Ennis et al. 1984].

12

L Air, 15 MPa
10 - Heat 1 N
L © Heat 1 i
8 7 Figure 3.19. Heat-to-heat variation in
s i the creep behavior of Alloy 617 in
£ 6 . .
g . o & teat2 helium [Ennis et al. 1984].
a4 [ He, 13.5 MPa ]
r %
2 - ]
[ pr Heat 3
oL ey Ls T S
0 5,000 10,000 15,000 20,000 25,000 30,000
Time (h)

Figure 3.20 shows the variation in creep rupture time with applied stress for Alloy 617 in air
and in helium at several temperatures, compiled by Ennis et al. [1984]. The helium used in these
experiments had a nominal impurity content (in Pa) of H,:CO:CH,:H,O in the ratio of 50:5:5:0.15,
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except for those at 1000°C, in which the environment was decarburizing to the alloy. The few
data points obtained at 1000°C under decarburizing conditions show a significant decrease in
rupture life when compared with the data developed in air. Figure 3.21 shows data from another
study conducted in helium that was decarburizing to Alloy 617 at 950°C [Huchtemann 1989]. The
impurity levels in helium in this experiment was (in Pa) H,:CO:CH,:H,O:N, in the ratio of
50:1.5:2:0.015:0.5. The data show a significant decrease in creep life in helium when compared
with that in air, for a given applied stress. Detailed examination of the tested creep specimens
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showed that Alloy 617 did not develop a protective oxide scale but exhibited significant internal
oxidation of aluminum in the alloy accompanied by carbon loss. Note that the helium environment
in the gas-turbine-based systems will be closer to the latter environment than those used in the
study of either the steam-cycle system or the process nuclear plant.

Figure 3.22 shows the stress dependence of time to accumulate 1% strain and of time to
rupture for Alloy 617 tested at 800 to 1000°C in air and in helium with “nominal” impurity levels
[Schubert et al. 1983]. The data, developed up to =20,000 h, indicate that the chemistry of the
helium environment used had no significant effect on both the 1% strain and creep rupture
properties, although the data set exhibits significant scatter.
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Figure 3.22. Time-to-1% strain and time-to-rupture as a function of applied stress for Alloy 617
in air and in HTGR helium [Schubert et al. 1983].

One of the interesting creep properties to compare is the rupture ductility for Alloy 617 that
has been tested in air and in helium. Figure 3.23 shows a plot of elongation at rupture from creep
tests as a function of test time and temperature, obtained in two studies [Schubert et al. 1983,
Cook 1984]. The data indicate that the alloy had much lower ductility in helium compared to that
obtained in air. Reason for these differences can be seen from the creep curves and
microstructures in Fig. 3.24, where air testing apparently induced surface cracks early in the test,
leading to higher initial creep rates [Cook 1984]. In helium, the shape of the creep curve indicated
nucleation of surface cracks to be more difficult and virtual absence of “tertiary” creep. Rupture
was reported without development of a large number of creep cracks in the helium environment.
The apparent improvement of ductility in air was attributed to a combination of oxidation and crack
growth.
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Figure 3.23. Creep-rupture ductility of Alloy 617 in air and in helium: (a) Schubert et al. 1983
and (b) Cook 1984.
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Creep results from the past U.S. HTGR program on the effect of helium environment on the
time to accumulate1% strain and on rupture life of Alloy 617 are shown in Fig. 3.25. Figure 3.25b
shows no difference in rupture life in air and He environments [McCoy and King 1985] whereas
the GE results [Baldwin 1986] indicate a mixed trend at different temperatures. At 850°C, there
was no difference in the rupture life in He and in air. However, at 950°C, the life in air was lower
than in helium at higher stresses but was similar to helium at lower stresses [Baldwin 1986]. This
varying creep behavior may be partly attributed to the lack of chemistry control of the helium
environment in the test chamber. Furthermore, heat-to-heat variation in creep rupture life was
also observed in helium environments.
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Figure 3.25. Effect of helium environment on the creep behavior of Alloy 617 from past US HTGR
programs (a) time to 1% strain (b) rupture life [Baldwin 1986 and McCoy and King 1985].

Recently, ANL has been conducting creep tests on Alloy 617 in pure and impure helium at
843 and 950°C [Shankar and Natesan 2006]. The composition of pure helium was He-99.999%,
02 <1 ppm, H,O <2 ppm, and total hydrocarbons <1 ppm. Figure 3.26 shows the creep behavior
of the alloy in pure helium at 843 and 950°C at different applied stresses. Figure 3.27 shows the

20



| | | T | T T T | T T T | T T '_ N | lllll | lllll | lllll | lllll | lllll | T™rrr ]
r Alloy 617 ] 3 Alloy 617 ]
120 - Temperature 843°C (1550°F) 120 | Temperature 950°C (1742°F)
: Pure He environment ;\3 i Pure He environment ]
e wf : c 90F 689 MPa :
g ; ] © ]
@ 60 | . 4(75 ]
& L ] o ]
o [ ] (0] ]
] L ] ) ]
30 E 55.2 MPa 3 5 '
0F 7 E

S TR SR [N S TN TN NN TR ST TR (NN SR SR T NN TN S S N S S

0 30 700 1050 1400 1750 0 800 600 900 1200 1500
Elapsed Time (h) Elapsed Time (h)

(a) (b)

Figure 3.26. Creep behavior of Alloy 617 at 843 and 950°C in a pure helium environment.
(a) 843°C (b) 950°C [Shankar and Natesan 2006].
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rupture life variation with applied stress observed in the ANL and other studies. The rupture lives
in the ANL study appear to be of the same order of magnitude as those obtained in the German
studies. The figure also indicates that the GE data has much higher rupture lives at lower applied
stresses at both temperature ranges. The lack of chemistry control of helium environment could
be a reason for the variation in rupture lives observed in the GE study. The figure also indicates
that at 950°C, the rupture life observed by Huchtemann [1989] was lower compared to the other
data. They attributed this decrease to the formation of a decarburized zone and lack of a
protective oxide layer on the surface.

ANL has also conducted creep tests in helium environments containing controlled amount
of impurities, specifically, in helium with 675 vppm methane (He+CH,) and in helium with 500 ppm
O, (He+0,) environments [Shankar and Natesan 2006, Shankar et al. 2006]. Figure 3.28 shows
the effect of methane and oxygen impurities in helium on the creep behavior of Alloy 617 at 843
and 950°C. It is clearly evident from the figure that the rupture life is longest in the He+CH,
environment and shortest in the He+O, environment. The reduction in life in the He+O,
environment and increase in life in the He+CH, environment are very significant at 950°C than at
843°C. Hosoi and Abe [1975] also observed a reduction in rupture life in an environment
containing helium with 500 ppm O, compared to pure helium (99.995% purity) at 1000°C.
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Figure 3.28. Effect of methane and oxygen impurities on the creep behavior of Alloy 617 (a)
843°C (b) 950°C [Shankar et al. 2006, Shankar and Natesan 2006].

They attributed this reduction (more than 50%) to the occurrence of a decarburized zone =1 mm
from the surface. They also observed maximum reduction in life at 500 ppm O;; at higher and
lower O, levels the rupture life increased but was still lower than those observed in pure helium.
The longer life in He+CH,4 environment is accompanied by a significant decrease in rupture strain
when compared to the rupture strains observed in He and in He+O,. Figure 3.29 shows the
variation of rupture strain versus applied stress in all three environments [Shankar and Natesan
2006]. The data clearly show a degrading effect of methane on rupture strain at both test
temperatures. A decrease in rupture elongation in pure helium environment when compared to in
air has been observed as shown earlier in Fig. 3.23.
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Figure 3.29. Variation of rupture strain
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Table 3.4 presents the complete creep data for Alloy 617 at 843 and 950°C in He,
He+CH,, and He+O; environments obtained from the ANL study [Shankar and Natesan 2006]. At
950°C and 27.6 MPa in He+CH,, the specimen had accumulated >6500 h and the creep curve
seemed to indicate sufficient ductility (=40%) during the test period. However, upon termination of
the test and cooling the specimen to room temperature, the specimen fractured (literally split into
two pieces) indicating brittle behavior of the alloy due to exposure.
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Figure 3.30 shows a low magnification micrograph of the aforementioned specimen
indicating a blocky intergranular brittle failure. Detailed fractographic evaluation was performed to
identify the fracture modes in pure helium and in helium containing impurity species. The fracture
mode was ductile in both pure helium and He+O, environments. However, in He+CH,
environment, at higher stresses, a ductile fracture was observed whereas at lower stresses a
brittle fracture was observed. Figure 3.31 shows a higher magnification image of the Fig. 3.30
illustrating cleavage fracture morphology. Figure 3.32 shows the longitudinal section of the
fracture surface of the specimen shown in Fig. 3.31 that was creep tested in He+CH,
environment. The dark phase in the figure was identified as (Fe,Cr).3Ce carbides rich in chromium
and the lighter phase was an intermetallic compound of chromium and molybdenum. The figure
shows a network of coarse Cry3Cg carbides with clear indication of preferential crack propagation
along the carbide phase. The Cr-Mo intermetallic phase may also crack with exposure time due
to its inherent brittleness. The alloy’s propensity to crack along the carbide and/or intermetallic
phase may, under creep-fatigue operating conditions in a VHTR, lead to rapid crack initiation and
propagation, which could severely decrease the operating life of components made of this alloy.

Table 3.4. Creep data of Alloy 617 at 843 and 950°C in different helium environments
[Shankar and Natesan 2006]

Environment Temperature Applied Stress Rupture Rupture Minimum Creep

(°C) (MPa) Life (h) Strain (%) Rate (s™)

Pure He 843 55.2 1807 51.00 3.8x10°
68.95 582 68.50 1.5x 107

82.7 204 74.70 46x107

He with 675 vppm 843 55.2 1668 51.42 48x10°
methane 68.95 1179 30.04 25x10°
82.7 191 69.95 45x107

He with 500 vppm 843 55.2 1223 62.00 6.9x10°
oxygen 68.95 478 68.25 1.9x 107
Pure He 950 27.6 1568 112.90 6.6 x10°
55.2 50 72.58 2.1x10°

68.95 16 78.44 6.6 x 10°

He with 675 vppm 950 27.6 >6527° 43.30 15x10°
methane 414 587 43.30 1.3x107
55.2 81 37.30 49x107

He with 500 vppm 950 27.6 475 52.10 1.6x107
oxygen 414 184 53.60 42x107

*Test terminated and specimen cooled to room temperature.

Figure 3.30. Low magnification fracture
surface of specimen failed under creep at
27.6 MPa, 950°C in He+CH, environment.

[ ]
1.00mm
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Figure 3.31. Cleavage fracture morphology of
specimen shown in Fig. 3.29 [Shankar and
Natesan 2006].

Figure 3.32. Longitudinal cross-section of
fractured specimen shown in Fig. 3.29,
indicating crack propagation through coarse
Cr-carbide network [Shankar and Natesan
2006].
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3.1.1.4 Fatigue, Fatigue Crack Growth, and Creep-Fatigue in helium

Strain-controlled fully reversed fatigue tests were conducted from room temperature to

871°C and at a cyclic strain rate of 4 x 10'3/3 [Strizak et al. 1982]. The helium environment had
impurities (in Pa) of H,:CO:CH,:H,O in a ratio of 30:2:3:0.2. Figures 3.33 and 3.34 compare the

data generated for Alloy 617 specimens in solution-annealed and solution-annealed-plus-aged
conditions, in which the aging and test temperatures were identical. The results on thermal aging
showed that aging for 10000 h at these temperatures before testing reduced fatigue life, but aging
for 20000 h improved fatigue life slightly. These changes were attributed to microstructural
changes that were noted in posttest examination of specimens. Results of testing Alloy 617 in
impure helium indicated an improved cycle life when compared with the life obtained in pure
helium. Strizak et al. [1982] also compared the data generated in impure helium with those
generated in air and concluded that the helium environment was in no case detrimental to fatigue
life for the alloy but was usually beneficial. Figure 3.35 shows a comparison of the low-cycle
fatigue behavior of Alloy 617 in air and in helium with the design curves [Schubert et al. 1983].
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Kitagawa et al. [1979] evaluated the low-cycle fatigue and creep fatigue behavior of
Alloy 617 at 1000°C in air and in helium and the results are shown in Fig. 3.36. They also tested
some precarburized specimens, the results for which are also shown in Figure 3.36. They
concluded that the fatigue properties in four-nine helium improved due to decarburization of the
alloy, whereas the precarburized specimens exhibited somewhat lower fatigue properties when
compared with data obtained in air. Figure 3.37 shows the fatigue lives of Alloy 617 under strain-
hold conditions tested at 1000°C in helium. The fatigue lives decreased with an increase in strain
hold time.

Figure 3.38 compares the experimental data on creep fatigue of Alloy 617 with the linear
summation rule for creep and fatigue damage. It is evident that the damage under creep-fatigue
conditions is much more than predicted based on the linear rule. Additional data under different
loading scenarios are needed to develop a predictive capability on creep-fatigue damage in the
alloy, especially for helium purity levels typical of gas-turbine-based HTGRs.

Rao et al. [1988] evaluated the effects of strain rate (4x10 to 2x10™ /s) and hold time on
the low-cycle fatigue life of Alloy 617 at 950°C in a simulated helium environment. The impurities
in the helium gas were H, - 500£50 ppm, CH, - 205 ppm, H,0 - 1.5£1 ppm, CO - 155 ppm, CO,
- 1.0 ppm and N, - 5 ppm. The gas pressure was 1.8 atm and the flow rate was 3 I/h. A slight
reduction in fatigue life was observed with decreasing strain rate. Hold time always reduced
fatigue life, irrespective of the duration of the hold. Tensile holds were more damaging than
compressive holds. Symmetrical tension-plus-compression holds resulted in fatigue lives close to
the continuously cycled tests. In the continuously cycled tests, creep fracture was transgranular
ductile while under tensile hold, creep fracture occurred by grain boundary cavitation and
oxidation.
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3.1.1.5 Aging effects on Microstructure and Mechanical Properties

Aging generally influences the microstructure and resulting mechanical properties. Several
studies have been conducted to evaluate the effect of aging on the mechanical properties of Alloy
617 [Strizak et al. 1982, Mankins et al. 1974, Kimball et al. 1976, Kihara et al. 1980, Kirchofer et
al. 1984, McCoy 1985, Allen et al. 2004]. A comprehensive review of the existing literature can be
found in two recent publications [Swindeman and Ren 2005, Ren and Swindeman 2006], which
highlight the effect of aging on microstructure, hardness, tensile, toughness, creep and stress-
rupture, fatigue and fatigue crack growth. Among the important conclusions was that short-time
creep and relaxation need further evaluation. In addition, most of the studies on aging effects
were conducted at high stress-low rupture life regime. It would be beneficial to characterize the
effect of aging on low-stress creep and stress-rupture behavior.

In terms of influence on microstructure, the review [Swindeman and Ren 2005] identified
that the precipitation of y' was observed in some studies and not in others. Wu et al. [2005]
reported that y' forms between 600-800°C but not above 800°C. As mentioned in an earlier
section, ORNL is developing GenlV617 composition of Alloy 617 that has stringent compositional
control as compared to the standard 617 composition. The objective is to develop the GenlV
composition having grain size ASTM 3 to 5 and with improvement in mechanical properties. The
use of P and N that are slated for inclusion in the GenlV composition needs adequate justification,
since the tendency of N to easily form TiN precipitates may produce agglomerates leading to
inhomogeneous microstructure. If P and N are to be included in the GenlV 617 specification,
processing the superalloy composition would be a critical step for the above mentioned reason.
Use of double or triple vacuum induction melting procedure may be needed to achieve the desired
uniform chemistry.

3.1.2 Alloy 230 (UNS N06230)

Alloy 230 is a solid-solution strengthened Ni-Cr-W austenitic superalloy possessing
excellent high-temperature strength that is enhanced by additions of molybdenum and cobalt. It
exhibits outstanding resistance to the oxidizing environment, excellent stability and resistance to
grain coarsening with long-term thermal exposures, and a lower thermal expansion coefficient
than Alloy 617. In addition, it also has good weldability and fabricability. The alloy typically has
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an austenitic matrix that contains a distribution of coarse intra- and intergranular precipitates likely
of MgC type. In addition, fine intragranular precipitates of MxCs are also present. The
composition of the alloy is such that M,3Cg forms preferentially over MgC. This alloy, like Alloy
617, also does not precipitate laves, sigma or mu phases.

Over the years, several studies have evaluated mechanical properties of this alloy. Figure
3.39 shows the variation of YS and UTS with temperature [Haynes International 2006]. Figure 3.2
(in Section 3.1.1) compares the properties of Alloys 230 and 617, obtained in the current VHTR
French program. It is evident that Alloy 230 has superior properties than Alloy 617 up to about
800°C, beyond which the difference is not significant.
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3.1.21 Creep Behavior in Air

Several investigators have evaluated the creep rupture response of Alloy 230 as a function
of temperature [Katcher 1998, Klarstrom 2001, Klova and Sobaru 1993, Shingledecker et al.
2005]. The creep-rupture behavior of Alloy 230 in an air environment at different temperatures is
given in Fig. 3.40 [Katcher 1998]. As the temperature increases beyond 900°C, the rupture life is
more dependent on applied stress.
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Fig. 3.41 compares the creep rupture behavior of Alloy 230 in sheet form with other alloys
indicating superior performance of Alloy 230 compared to Hastelloy X [Klarstrom 2001]. Klova
and Sobaru [1993] predicted stress required to accumulate 0.5% strain at different temperatures
of Alloy 230. The Larson-Miller parameter of Alloy 230 for various product forms of Alloy 230 can
be found elsewhere [Shingledecker et al. 2005]. Creep strength in Alloy 230 is brought about by
solid solution strengthening, low stacking fault energy, and precipitation of Mx3Cg carbides on
glide dislocations [Klarstrom 2001, Tawancy 1992].
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Figure 3.41. Comparison of 1% creep strengths and stress-rupture strengths of Alloy 230 with
other alloys [Klarstrom 2001].

Figure 3.42 compares the stress rupture behavior of Alloys 230 and 617 along with ASME
stress allowables [Burlet et al 2005]. In the figure, the Alloy 230 data are from Haynes
International and the Alloy 617 data are from INCO Alloys. It is clear that both exceed the ASME
requirement. Up to 850°C, both the alloys have similar creep strength but at 950°C, Alloy 617 has
better creep strength at longer lives (>3000 h). The French and Korean VHTR programs have
conducted baseline creep tests on Alloy 230 along with other heat exchanger materials.
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Figure 3.42. Comparison of creep properties of Alloys 230 and 617 along with ASME Code
allowables [Burlet et al. 2005].
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Figure 3.9 (in Section 3.1.1.1) shows the creep behavior of various heat exchanger
candidate materials at 982°C, evaluated by the current Korean VHTR program. The figure
indicates that Alloy 617 has slightly higher creep rupture life than Alloy 230. Figure 3.43 shows
the creep data (indicated by ‘stars’) of Alloy 230 in air from the current French program along
with the creep behavior of Alloy 617 obtained from a previous German program [Ennis et al.
1984]. The figure shows that the creep data of both the alloys are similar.
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Figure 3.43. Creep data of Alloy 230 from a current French VHTR program [Cabet et al. 2006]
compared to that from a previous German HTGR program [Ennis et al. 1984].

3.1.2.2 Fatigue Behavior in Air

Low cycle fatigue of Alloy 230 at high temperatures has been evaluated by several authors
[Klarstrom 2001, Haynes International 2006, Srivastava and Klarstrom 1990] at high. Fig. 3.44
shows the low-cycle fatigue behavior at various temperatures [Srivastava and Klarstrom 1990].
These authors also evaluated the LCF behavior of Alloy 617 (see Fig. 3.12 in Section 3.1.1.2),
and observed that in the range 760-982°C, Alloy 230 had better fatigue properties than Alloy 617.
However, the grain size of Alloy 617 was coarser than that of Alloy 230 that may explain the
difference in fatigue response.
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Chen at al. [2001] evaluated the creep-fatigue behavior of Alloy 230 at 816 and 927°C.
Figure 3.45 shows the variation of fatigue life with applied strain range as a function of tensile hold
time. The frequency of loading in the absence of hold time was 1 Hz. It can be seen that a hold
time of 2 min. reduces the fatigue life at all strain ranges investigated. In the absence of hold
time, the fatigue behavior at 816 and 927°C is similar above a strain range of 0.4%, indicating no
effect of temperature. This is a surprising result since a temperature effect on fatigue is expected,
as observed in other studies [Klarstrom 2001, Srivastava and Klarstrom 1990]. The reason for the
similarity in fatigue behavior was not discussed in the original paper nor was any microstructural
investigation performed that precludes us from identifying the cause of such behavior. The effect
of varying hold time (up to 60 min.) on the fatigue behavior is shown in Fig. 3.46. The data
indicate that the fatigue life drops significantly with hold time up to about 10 min. after which the
effect of hold time seems to be not significant
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Figure 3.46. Effect of tensile hold time on the low cycle fatigue of Alloy 230 and two other
superalloys (a) at 816°C (b) at 927°C [Chen et al. 2001].
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The effect of tensile hold time on creep-fatigue crack growth behavior can be seen in Fig.
3.47 [Lu et al. 2002]. It is clear from Fig. 3.47a that in the presence of 2 min. hold time, the crack
growth rate per cycle, da/dN, increases by an order of magnitude indicating the damaging effect
of creep on the life of the material. Figure 3.47b plots the crack growth rate in unit-time. The two
da/dt-AK curves cross at a AK of about 22 MPavm. At this point, crack growth rate per unit time
from the cyclic fatigue damage and the maximum load creep damage are equal. To the left of the
cross-point, the cyclic fatigue is more damaging while to the right, creep is more damaging.
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Figure 3.47. Effect of hold-time on crack growth rate of Alloy 230 at 927°C (a) da/dN vs. AK and
(b) da/dt vs. AK [Lu et al. 2002].

As discussed earlier in Section 3.1.1.2 (Figs 3.13-3.15), Meyer-Olbersleben et al. [1999]
evaluated the thermal-fatigue behavior of Alloys 617 and 230 in air using flat single-wedge plate
specimens in high frequency induction heating at maximum cycle temperatures of 850-1050°C.
They observed that Alloy 230 had better thermal fatigue crack initiation resistance in air compared
to Alloy 617. The crack initiation life under purely mechanical loading was similar in both alloys.

Figure 3.48 compares the cyclic oxidation resistance of Alloy 230 with other alloys in
air+10% water vapor oxidizing environment [Ganesan et al. 1995] that shows the mass change as
a function of thermal cycles. Each cycle consisted of holding the specimens at 1093°C for 15 min.
in the environment and then holding at ambient temperature for 5 min. Samples were weighed
after every 100 cycles. The data indicate that Alloy 617 has better thermal cycling resistance than
Alloy 230 as illustrated by its lesser mass change up to 2337 cycles.
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3.1.2.3 Thermal Stability

The effect of thermal aging on room temperature tensile ductility is shown in Fig. 3.49,
which compares the thermal stability of Alloy 230 along with two other alloys after aging for 8000
h in the temperature range of 650-871°C. The elongation of Alloy 230 decreases from =50% at
room temperature to =35% at 871°C. Also, the elongation seems to saturate beyond =760°C as
seen in the figure. Microstructural examination indicated precipitation of M,3Cg carbides in Alloy
230. No evidence of sigma, mu, or Laves phases were observed. An additional 8000 h aging in
this temperature range did not decrease ductility further and the alloy showed good toughness
retention [Klarstrom 2001].
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Jordan et al. [1999] characterized microstructural changes and evaluated tensile and impact
properties of Alloy 230 after 10,000 h thermal aging in air in the temperature range of 750-
1050°C. Table 3.5 shows the mechanical properties in as-received and aged conditions. Aging
at 1050°C was done on specimens from a different heat as indicated in the table. It can be seen
that tensile ductility and impact properties reached a bottom at 850°C aging temperature and at
950°C and beyond, the properties improved. After 1050°C aging, the toughness and ductility
were similar to the values of the as-received material. The significant microstructural changes
observed after thermal aging in this temperature range were: (a) the primary carbide morphology
and (b) reduction in the amount of intragranular secondary (Fe,Cr),3Ce carbides. After 750°C
aging, coarser intergranular precipitation of (Fe,Cr),3Cs carbides were observed. In addition,
coarse and blocky intra-and intergranular precipitates of MgC carbides were observed. At 850-
1050°C aging, the MgC carbides were irregular in shape. After 1050°C, the secondary
intragranular carbides appeared to have re-solutionized in the matrix consistent with the
toughness and ductility values being similar to those of the as-received material.

Ganesan et al. [1995] also characterized the effect of thermal aging at 649, 760, 871, and
982°C on the room temperature impact properties. They observed that the impact properties of
Alloy 230 were lower compared to Alloy 617 after exposure times of 100 and 500 h but the
reduction in properties when going from 100 to 500 h exposure at 649 and 871°C was more
drastic in Alloy 617 compared to Alloy 230, as shown in Table 3.6.

Figs. 3.50 and 3.51 show the effect of thermal aging up to 5000 h on the mechanical
properties of Alloy 230 and Alloy 617 [Burlet at al 2005]. The impact energy of Alloy 230
decreases up to about 750-850°C above which it increases. The bottoming of impact energy at
750-850°C is consistent with the results in Table 3.5 [Jordan et al 1999]. The ductility seems to
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Table 3.5. Effect of thermal aging in air for 10,000 hr at different temperatures on the room
temperature mechanical properties of Haynes 230 [Jordan et al 1999]

Property As received 750°C 850°C 950°C As received 1050°C
(Heat A) (Heat B)
0.2% YS(MPa) 460 401" 382" 375" 395" 319"
UTS (MPa) 901 911" 832" 865" 847" 818’
Reduction of area (%) 475 244" 20.1" 37.4' 472 445"
Charpy impact toughness 94 19 16 20 112 88
(ft-Ib)

'Represents one data point.
All other data represents average of two data points.

Table 3.6. Room temperature impact energy (J) after exposure at the indicated temperatures for
100 and 500 hours [Ganesan et al 1995]

100 h exposure 500 h exposure
Aging temperature (°C)
617 230 Hastelloy X 617 230 Hastelloy X
649 75 50 64 50 45 52
760 66 34 47 64 28 24
871 72 30 33 54 30 24
982 56 35 91 53 34 34

bottom-out at 750°C although there is one data point at 850°C that has very low ductility (=10%).
The UTS remains roughly constant after aging at all temperatures. Comparing the behavior of
Alloy 230 with that of Alloy 617, the impact energy and elongation (and toughness) of 617 is
higher after aging at 850°C, even though there is a sharp drop in the same with increasing aging
temperature. The UTS of both alloys are comparable after aging at 850°C. Figure 3.51 shows
the influence of aging on high temperature properties. Fig. 3.51a shows that the UTS of Alloy 230
was not affected by aging up to 5,000 h. Figure 3.51b shows that the ductility after aging for
5,000 h at 750°C is much lower than in the unaged condition. Beyond 750°C, the ductility
increases. Microstructural examination indicated intergranular fracture at 850°C. The result of this
on-going study indicates that the microstructure of Alloy 230 is still evolving after 5,000 h of aging,
and that there is a need for aging to longer times. Figure 3.51b also indicates that 1,000 h aging
at 750°C reduces ductility of Alloy 617 more than Alloy 230. With the very limited information
available on microstructure and fracture behavior, it clearly warrants additional effort on thermal
aging studies on Alloy 230.
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Figure 3.50. Effect of thermal aging on room temperature properties of Alloys 230 and 617 (a)
Impact energy vs aging temperature (b) elongation vs. aging temperature, and (c) UTS vs. aging
temperature [Burlet et al 2005].

1200 | LILBL I LILBL I LIBLIL I LILBL I LIBLIL i i
! ] o]
Sooo |- ] 3 ]
g , i —~ ° [ ] L4 8:
c X (] 4
2,800 ] = $° ¢
E’ %9 °o°l:l 2 o * .:
600 [ ° ., A h > o 0408 Ig %
[0) [«
= oo 6 o0 1
® off e}

5 . ] 2 AA ]
530F o 617 . 2 o 617 A .
= O 617,1000h g [t 0O 617,1000h HA
Eoof ¢ 20 1 . %gg 1000 h ]
= ® 230,1000 h ) e
> A 230,5000 h [ A 230,5000 h ]

0 [ Ll 1l I Ll 1l I Ll 1 I Ll 1l I Ll 1 ] ]

0 200 400 600 800 1000 0 200 400 600 800 1000
Aging & test temperature (°C) Aging & test temperature (°C)

Figure 3.51. Effect of thermal aging on high temperature properties of Alloys 230 and 617 (a) UTS
vs. aging temperature and (b) elongation vs. aging temperature [Burlet et al. 2005].

3.1.2.4 Corrosion and Oxidation Resistance

Figure 3.52 shows the high temperature isothermal oxidation behavior of Alloy 230 and
other candidate heat exchanger materials after exposure to impure helium environments at 950°C
for 813 hrs. The helium contained H, = 18916 ppm, CH,; = 20.1+£0.5 ppm, CO = 50.6+1.4 ppm,
H.0 ~2.1 ppm, N2 = <8 ppm, and O, = <0.1 ppm and experiments were conducted with a helium
flow rate of 15 L/h [Cabet et al. 2006]. The thicknesses/depths of loose oxide scale, compact
oxide scale, internal oxide, and the internally affected region developed (after oxidation) are
shown in the figure. The results indicate that PM1000 alloy, an oxide-dispersion strengthened
alloy, has the best oxidation resistance. Among the other four materials, Hastelloy X has the best
oxidation resistance followed by Alloy 230 and Alloy 617, and then Alloy 800H. Alloy 617 formed
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a thick irregular chromia scale doped with Ti and Mn, and an internal oxide layer of Al. Alloy 230
formed a slightly thinner scale and some evidence of loose oxide on top. In addition, Alloy 230
had an internal oxide layer of Al and Cr. The difference in the overall oxidation resistance
between Alloy 617 and Alloy 230 is not significant. The thickness of internal oxide is similar in
both alloys, and the depth of internally affected zone (i.e., carbide-free zone) is also not much
different (55 ym in Alloy 230 vs. 65 um in Alloy 617). The time of exposure is too short (=800 h)
to determine whether Alloy 230 has superior oxidation resistance than Alloy 617. Longer
exposures are needed to establish the difference, if any, between the two alloys.
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Figure 3.52. Comparison of isothermal oxidation behavior of Alloy 230 with other candidate heat
exchanger materials after 800-h exposure at 950°C in helium environment [Cabet et al. 2006].

Figure 3.53 shows the isothermal oxidation resistance of alloys 230, 617 and Hastelloy X at
1100°C in air+10% water vapor environments [Ganesan et al 1995]. Alloy 617 shows the least
mass loss after 672 h of exposure. Again, as mentioned earlier, the time of exposure is too short
to determine whether Alloy 617 is superior to Alloy 230 under oxidizing conditions. Figures 3.54
and 3.55 show mass change of alloys 617, 230, 188 and Hastelloy X under two different
carburizing environments. The environment H,-1%CH, had a carbon activity of 1 with no oxygen
while the other environment H,-5.5%CH;-4.5%CO, had a carbon activity of 1 and an oxygen
partial pressure of 102" atm. In both cases, Alloy 617 had the least mass loss compared to other
alloys indicating superior carburization resistance that has been attributed to the formation of a
stable surface oxide.
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Figure 3.53. Mass change as a function of
time in air+10% water vapor at 1100°C for
alloys 617, 230, and Hastelloy X [Ganesan
et al. 1995].

Figure 3.54. Mass change as a function of
exposure time in H;-1%CH,; carburizing
environment at 1000°C for Alloys 617, 230,
188, and Hastelloy X [Ganesan et al. 1995].

Figure 3.55. Mass change as a function of
time in Hy-5.5%CH4-4.5%CO;, carburizing
environment at 1000°C for Alloys 617, 230,
188, and Hastelloy X [Ganesan et al. 1995].



3.1.3 Alloy 800H (UNS N08810)

Alloy 800H is an iron-base solid-solution strengthened alloy with large additions of nickel
(30-35 wt.%) and chromium (19-23 wt/%). It has the same basic composition as Alloy 800 except
that a minimum carbon content of 0.05 wt.% is specified. The elemental composition is given in
Table 3.1. This alloy must be solution annealed at =1093°C to achieve stable austenitic structure,
and is intended for use at temperatures >593°C. The higher carbon content and coarse grain size
are aimed at improving creep resistance brought about by the carbide phases, TiC and Mx3Cs
(primarily Cry3Cg). The alloy has good resistance to internal oxidation, scaling, corrosion, and
stress corrosion. The alloy is currently approved under ASME Code Section |l Subsection NH for
use up to 760°C. The material is free of precipitates in the solution-annealed condition. After long
times at a service temperature of =550°C, g' precipitates tend to form. These precipitates can
reduce the creep ductility of the alloy [Betteridge et al. 1978]. To minimize the decrease in creep
ductility, the volume fraction of g' precipitates is controlled by specifying a concentration limit of
=0.8 wt.% for the Al + Ti content in the alloy. The minimum creep rate at elevated temperatures is
depicted by Norton’s law and the Arrhenius function, as follows [Blackburn 1972]:

€m = constant(o/E)" - exp(-Q/RT) (3.1)

where o, E, Q, R, and T are applied stress, elastic modulus, activation energy, gas constant, and
absolute temperature.

Figure 3.56 shows the minimum creep rate versus stress at 593 to 760°C, with comparison
to results derived by regression analysis [Booker et al. 1978]. Figure 3.57 shows the allowable
stress values Smt used for primary general membrane calculations for actual service life and for

normal-plus-upset conditions, as specified by ASME Code [ASME 1977].

Fatigue behavior of Alloy 800H has been evaluated from room temperature to 760°C [Soo
and Chow 1976, Soo and Chow 1978, Chow et al. 1978]. Figure 3.58 shows low- and high-cycle
fatigue data (typical of information available) for Alloy 800H at 760°C, plotted as log-log plots of
elastic and total strain range versus life. Figure 3.59 shows the creep-fatigue behavior of
Alloy800H, clearly indicating the detrimental effect of hold time on fatigue life at 600 and 800°C
[Nilsson and Sandstrom 1988]. The hold time of 360 s reduces the fatigue life by a factor of 10
and 3-5 at 600 and 800°C respectively. Figure 3.60 shows the creep-fatigue damage envelope
for Alloy 800H from the ASME Code. Thermal aging of Alloy 800H in air at 750°C for 10,000 h
resulted in a slight decrease in YS (217 to 246 MPa) and UTS (537 to 570 MPa) and a

Incoloy 800H Bar
Solution Annealed

¢ 1000 F Analytical Relation Fitted by
B 1100F Regression to Data in Form
O 1200F Data log ém = 28.84 - 71462, 13898 0, ; -
TR TR Figure 3.56. Minimum creep rate
1300 F R =T Rankine = F + 460
N aor ol i versus stress at 538-760°C (1000-

1400°F) and correlations developed
by regression analysis [Booker et al.
1978].
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Figure 3.58. Low- and high-cycle fatigue behavior of Alloy 800H at 760°C [Soo and Chow 1978].
BNL, GE, BMI, and GA in the figures refer to Brookhaven National Laboratory, General Electric
Company, Battelle Memorial Institute, and General Atomics Company, respectively.
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Figure 3.59. Creep-fatigue behavior of Alloy
800H in air environment at 600 and 800°C
[Nilsson and Sandstrom 1988].
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considerable decrease in toughness (364 to 133 J) and in reduction in area (70 to 58%) [Jordan et
al. 1999]. The increased strengths and reduced toughness and ductility were attributed to
increase in M23C6 carbide precipitation with exposure.

Several studies have been conducted to evaluate the influence of helium environment on
corrosion behavior, mechanical performance, and design aspects of Alloy 800 and 800H
[Betteridge et al. 1978, Brinkman 1982, Lee 1984, Lerch et al. 1986]. Betteridge et al. [1978]
concluded that the influence of helium environment (with a chemistry typical of steam-based
HTGRs) on the creep properties of the alloy is minimal at temperatures up to 760°C (see Figure
3.61), but that more work is needed to fully characterize the behavior at higher temperatures and
longer times. Figure 3.62 shows the minimum creep-rate from a different study indicating the
minimal effect of helium on the creep rate of Alloy 800H at 649 and 760°C, and Figure 3.63 shows
the fatigue behavior of Alloy 800H at 760°C in air and helium environment indicating an increased
fatigue life in helium environment [Chow et al 1978]. Formation of brittle oxide scale in air was
identified as a probable reason for the reduced fatigue life in air. The impurities in the helium
environment in this study was 40 ppm H,0O, 200 ppm H,, 40 ppm CO, 10 ppm CO,, and 20 ppm
CH,. Soo and Sabatini [1984] also observed a similar behavior of Alloy 800H, i.e., lower fatigue
strength in air compared to that in a helium environment containing high levels of moisture (2500
ppm H,O) at test temperatures of 538, 760 and 871°C.
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Figure 3.61. Creep rupture data for Alloy 800H at 650 and 760°C in helium with comparison to
specifications based on air data used in ASME Code [Roberts 1978].
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Figure 3.63. High-cycle fatigue behavior of Alloy 800H at 760°C in a helium environment [Chow
et al. 1978]

The application of Alloy 800H in the heat exchanger in NGNP requires qualification of the
alloy by the ASME Code for elevated temperatures in the range of 760-1000°C. Only very limited
data are currently available on the mechanical properties of this alloy beyond 800°C, especially in
impure helium environments. Soo and Sabatini [1984] evaluated the fatigue behavior up to
871°C. Guttman et al. [1983] evaluated the creep behavior of Alloy 800H in carburizing
environments at 1000°C. Figure 3.64) shows the 1% creep strength and creep rupture strength,
illustrating that carburization has a beneficial effect on the strength. Also, it is clear from the figure
that a precarburization treatment at 1000°C for =1,000 h increases the rupture strength in helium
compared to that in air.
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Figure 3.64. Creep behavior of Alloy 800H in different environments at 1000°C (a) 1% creep
strength (b) creep rupture strength [Guttman et al. 1983].

ANL has investigated the effect of impure helium on the creep behavior of Alloy 800H at
750 and 843°C [Shankar and Natesan 2005]. Figure 3.65 shows the effect of methane in helium
on the creep behavior of Alloy 800H at 750°C. The low ductility and long rupture life in the helium
containing 675 vppm methane at an applied stress of 68.95 MPa is associated with brittle
cleavage fracture as illustrated in Fig. 3.66. At higher applied stresses, ductile fracture was
observed in both pure helium and impure helium environments and there was not much difference
in either life or ductility in He environments with and without methane addition. The composition
of pure helium used in the tests was the same as given earlier in section 3.1.1.1 on Alloy 617.
Figure 3.67 shows the creep behavior of Alloy 800H at 843°C in pure and impure helium
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environments. At the stress levels shown, there is no significant difference in the creep strength
in both environments. The fracture morphology after creep testing at 843°C and 55.2 MPa is
shown in Fig. 3.68, which indicates an intergranular failure in the methane-containing helium
environment.
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Figure 3.66. Brittle fracture in Alloy 800H after creep testing in He + 675 vppm methane
environment at 750°C at 68.95 MPa (a) Low magnification image (b) Higher magnification
illustrating cleavage facets [Shankar and Natesan 2005].
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Figure 3.68. Effect of methane on the creep fracture mechanisms in Alloy 800H tested at 843°C

at 55.2 MPa. (a) Pure He environment illustrating ductile fracture (b) He + 675 vppm methane
illustrating intergranular fracture [Shankar and Natesan 2005].

Table 3.7 shows the rupture life, rupture strain, and minimum creep rate data of Alloy 800H
at 750 and 843°C at different applied stresses. The results of ANL study clearly indicate that
methane in helium affects the deformation behavior and the creep rupture strength of Alloy 800H,
an observation similar to that discussed earlier for Alloy 617.

Table 3.7: Creep Data for Alloy 800H at 750 and 843°C [Shankar and Natesan 2005]

Test Temperature Applied Rupture Life  Rupture Strain Minimum Creep Rate

Environment (°C) Stress (MPa) (h) (%) (s'1)

Pure He 750 68.95 1030 28.75 3.0x10°

89.6 491 40.79 7.7x 10

103.4 208 54.92 2.4x107

He with 675 750 68.95 3396 14.50 3.0x10°

vppm Methane 89.6 332 44.30 1.3x 107

Pure He 843 27.6 75982 15.40 1.0x10°

41.4 516 25.08 3.1x10%

55.2 115 27.80 1.9x 107

He with 675 843 41.4 406 17.60 7.7x10%

vppm Methane 55.2 105 30.90 43x107

a Applied stress increased to 41.4MPa after =7500 h to induce specimen failure.
3.1.4  Alloy X (UNS N06002)

Hastelloy X is a nickel-base superalloy with good oxidation resistance at temperatures up to
=~1200°C and moderately good strength properties at temperatures up to 870°C. It is essentially a
single-phase austenitic alloy, solid solution strengthened by additions of Cr, Mo, and W. Several
studies have been conducted in the U.S. and in Japan to evaluate the tensile, creep rupture, low-
cycle fatigue, creep fatigue properties, and fatigue crack growth of Hastelloy X, specifically for
application in the helium environment of an HTGR [Lee 1984, Kurata et al. 1984, Nakanishi and
Kawakami 1984, Tsuji and Kondo 1984, Bruch et al. 1984, Krompholz et al. 1984, Strizak et al.
1982].

Above =700°C, Hastelloy X can form topographically close-packed phases like sigma, mu,

and Laves phases. These phases can embrittle the material and result in property degradation.
A Ni-Cr-Mo sigma phase was identified after exposure for more than 2,500 h at 704 and 788°C
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[Donachie 2002]. Mu phase was also identified in specimens aged at temperatures between 704
and 954°C. However, the mu was most prominent in specimens aged at 871 and 954°C
[Donachie 2002].

Figure 3.69 compares the tensile properties of Hastelloy X with those of Alloy 617 in
solution-annealed and aged conditions [Strizak et al. 1982]. It is evident that aging for 10,000 h or
longer affects properties under tension. Figure 3.70 shows data on rupture time variation with
applied stress for Hastelloy X at 760 and 871°C. Data generated for times up to 20,000 h showed
that rupture ductility for the alloy is fairly high in an air environment [Lee 1984]. Figure 3.71 shows
the variation in minimum creep rate as a function of applied stress for the alloy at 760 and 871°C.
Figure 3.72 shows the low-cycle fatigue behavior of Hastelloy X at several temperatures in air
[Strizak et al. 1982]. Lines in the figure represent the best fit of experimental data.
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Figure 3.69. Tensile properties of Hastelloy X and Inconel 617 in solution-annealed and aged
conditions [Strizak et al. 1982].
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Figure 3.73 shows the creep-fatigue response of Hastelloy X in air at 816 and 927°C [Chen

et al 2002]. As seen in Fig. 3.73a, a tensile hold time of 2 min results in life reduction at all strain

ranges at both temperatures.

Furthermore, at lower strain ranges, the alloy has longer life at

816°C than at 927°C in the presence of tensile hold. However, at higher strain ranges, the alloy
has shorter life at 816°C compared to that at 927°C. Figure 3.73b shows the effect of hold time
on the ratio of fatigue life with hold time to that without hold time. As evident in the figure, the
fatigue life at 927°C sharply decreases up to about 10 min. hold time, beyond which the reduction
in fatigue life is slower. At 816°C, fatigue life decreases gradually with an increase in the hold

time.
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[Chen et al 2002].

The current HTTR program of Japan is evaluating Hastelloy X and Hastelloy XR for their high
temperature metallic components. Hastelloy XR has a composition similar to that of Hastelloy X
but with low levels of Al and Ti content, and precise control of composition to achieve
improvement in corrosion resistance and overall mechanical performance. Figure 3.74a shows
the creep response of both these alloys at 900°C in impure helium, illustrating the longer time
needed to achieve a given strain in Hastelloy XR compared to Hastelloy X [Tachibana 2005]. The
composition of the impure helium was not specified. Figure 3.74b shows the stress dependence
of creep rate indicating that until =75 MPa, Hastelloy X has a higher creep rate than Hastelloy XR,
and vice versa.

2
80 T TT T TT LI T 1T T 1T ‘ T T ‘ T TT ‘ T TT 10 E T T T T T T rT ‘E
[ ] = g E
| 39 MPa, 900°C | 3 - ]
- Impure helium R < 10"
60 - . e 3 3
L 4 © S 3
— |- _
i 1 £ ol |
c r 7 © 10 -
‘= 40 L . = B E
g I ] 7 g E
2 L % - Hastelloy X ]
g ) F Hastelloy X g o 10™" L ?
= 0 — (8] E E
© I Hastelloy XR | - - ]
[ astelloy ] 8 L Hastelloy XR 1
i 7 c 107 -
0~ = Q g E
L | (&) C b
I ] 3 r ]
20 [ | | | | | | | 7 10_3 ! T T I
- L1 L1 [ L1l L1l L1l L1 L1 1 2 3
0 50 100 150 200 250 300 350 400 10 10 10
Time (h) Stress (MPa)

(a) (b)
Figure 3.74. Creep response of Hastelloy X and Hastelloy XR from the Japanese HTTR program.
(a) Creep strain vs. time (b) Stress dependence of creep rate [Tachibana 2005].
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Strizak et al. [1982] developed low-cycle fatigue data on Hastelloy X in solution-annealed
and solution-annealed-plus-aged conditions in air and in impure helium. The results were similar
to those observed for Alloy 617 (see Fig. 3.75).
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Figure 3.76 shows the corrosion characteristics of Hastelloy X with exposure temperature
and time [Wilson and Rittenhouse 2005]. This evaluation was performed at GE as part of the
previous U.S. HTGR program. The graph shows the thickness of scale formed, depth of internal
oxidized layer, alloy depleted zone, and the carburized zone as a function of exposure
temperature and time. As evident in the figure, the oxide scale thickness is less than 5 ym after
1000 and 3000 h exposure. The depth of internal oxidized layer and the alloy depleted zone at
950°C are twice or more than at lower temperatures. The thickness of the carburized layer
sharply increases from about 40 to 120 um as the exposure temperature is increased from 750 to
850°C. Hastelloy X has superior corrosion resistance compared to Alloys 617, 800H, and 230.
Figure 3.52 (see in Section 3.1.2.4) shows the results of corrosion characterization of candidate
heat exchanger materials obtained from the current French VHTR program.
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3.2 Ceramic Materials

Structural ceramics such as silicon carbide (SiC) and silicon nitride (SisN4) have outstanding
high temperature strength, higher thermal conductivity, and lower thermal expansion than metals
that make them attractive candidates for the NGNP intermediate heat exchanger operating in the
range 850-1000°C. Recuperators and heat exchangers made of ceramics are being developed
for turbine, automotive, and fuel cell applications. OxyCube, which is a monolithic sodium-
zirconium-phosphate ceramic was developed by ORNL in collaboration with industry for fuel cell
applications and can withstand temperatures up to 1200°C [Stinton 2006]. ORNL also has
developed a ceramic regenerator made of cordierite (Magnesium-Aluminum-Phosphate) to
capture exhaust heat for automotive applications [Stinton 2006]. The cordierite material is also
expected to withstand temperatures up to 1200°C. Monolithic SiC, SisN4 and SiC/SiC composites
are being considered for gas turbine applications at temperatures beyond the capability of nickel-
based superalloys. However, the technical barriers to achieving high performance and large-
scale use of structural ceramics include inherently low-fracture toughness, poor impact resistance,
and water vapor corrosion at high temperatures and pressures.

Use of ceramics for the NGNP heat exchanger would require extensive effort to qualify the
long-term material performance in terms of defining heat exchanger design, characterizing
mechanical properties and aging effects, evaluating environmental behavior, and radiation effects.
All the above would be necessary to codify the material for use in the NGNP IHX design. Based
on the available literature and the time frame for construction of the NGNP, it is not possible to
use ceramic materials in the IHX of the NGNP. Nevertheless, in a later section on modeling of
heat transfer in various heat exchanger designs, structural ceramics SiC and Si;N, have also
been considered in addition to candidate metallic alloys — 617, 230, 800H and Hastelloy X. This
would provide guidance, should a need arise in the future to use ceramic materials for VHTR heat
exchangers.

3.3 Thin-section Mechanical Properties of Metallic Alloys

Compact heat exchangers are potential designs for use in the IHX of the NGNP. An
example is the printed circuit heat exchanger (PCHE) developed by HEATRIC [HEATRIC] that
has very narrow and thin zig-zag channels through which the helium coolant flows. The material
between these channels has section thickness about 2 mm or less. The mechanical properties of
such thin-section candidate materials for use in PCHE fabrication may vary compared to thicker-
section properties. Thus, it is critical to know the properties of thin sections if compact heat
exchangers, are used in the NGNP design.

Figure 3.77 shows the behavior of a bar and a sheet form of Alloy 617 [Aerospace
Structural Materials Handbook, 1994]. The sheet form whose thickness is 0.062 in (=1.6 mm) has
similar strength variation with temperature compared to the thicker bar of around =19 mm dia.
However, the elongation of the sheet form is much lower than that of the thick bar especially at
higher temperatures as evident in the figure. The sheet is in the cold-rolled form which could
explain the lower ductility. Figure 3.78 shows the allowable stresses for all product forms of
various heat exchanger materials [Ryu 2005].

Figure 3.79 shows the creep behavior of tube, and foil forms of Alloy 230 [Maziasz et al.

2005]. ltis clear that the creep curve is very steep in both the foils (thickness <0.10 mm) whereas
there is a very distinct secondary creep regime in the tube form. Obviously, the rupture life in the
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foil form is much shorter than that of the tube specimen. Maziasz et al. [2005, 2006] also
observed such rapid creep rupture in foils of other alloys such as Alloy 625, and HR120. Figure
3.79 clearly suggests that it is critical to evaluate the mechanical properties, especially fatigue,
creep and creep-fatigue, of thin sections (of the thickness typically used in PCHESs) of Alloy 617
and other candidate materials and establish the performance envelope.
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Figure 3.79. Effect of sample thickness
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230 tested at 750°C, 100 MPa [Masiasz
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A method to design materials to achieve properties in thin sections similar to that in thicker
sections is to use the ratio of specimen diameter/grain diameter as a criterion instead of only grain
size. Fig. 3.80 shows variation of rupture life and minimum creep rate with the ratio of specimen
diameter to grain diameter for a wrought nickel-based superalloy [Donachie 2002]. The figure
indicates that as the specimen diameter/grain diameter decreases, i.e, as thickness reduces for a
given grain size, the time to rupture reduces and the minimum creep rate increases. Also, the
figure indicates that as the grain size increases (increasing solution temperature), the rupture life
increases for the same specimen diameter to grain diameter ratio. Figure 3.80 suggests that to
achieve the same thin-section properties as a thicker section, it may be necessary to reduce the
grain size accordingly so that the specimen diameter/grain diameter ratio is at a desired constant
value.
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3.4 Corrosion in Reactor Helium Environments

The focus of this Section is to examine the influence of helium coolant on the chemical
compatibility of structural materials that are planned for use in HTGRs. Helium, because of its
chemical inertness and attractive thermal properties, is used as a primary coolant in HTGRs.
However, the primary coolant in an operating HTGR is expected to be contaminated by small
amounts of gaseous impurities such as H,, H,0, CH,, CO, CO,, and O, from a variety of sources,
such as reactions of ingressed water and oil with core graphite, and outgassing of reactor
materials. These impurities are projected to be in ppm levels in the helium coolant, but the upper
bound would strongly depend on the level of purification used for the helium supply and the leak
tightness of the reactor system. Corrosion of structural alloys by these gaseous impurities at
elevated temperatures can be significant. Past studies have shown that the corrosion of heat
resistant materials such as austenitic stainless steels, Alloy 800H and 617 may involve oxidation,
carburization, and decarburization depending on the exposure temperature, carbon activity in the
gas phase, and the alloy composition. Further, the corrosion process is dynamic in the sense that
it is dictated by the exposure time, gas chemistry variations, integrity of the corrosion product
scales, and presence of particulates in the gas phase.

3.41 Coolant Chemistry

The helium coolant in an operating HTGR makes a complete circuit from the graphite core
to the heat exchangers or gas turbines and back to the core in several seconds. It is reported that
the gas components in the coolant, via reaction with the graphite in the core and, to a limited
extent, with themselves, will reach a steady state under this dynamic flow condition and may
approach an equilibrium state with respect to the core [Johnson and Lai 1981]. Equilibrium
between the surfaces of metallic components and the gaseous impurities in the primary coolant
helium is not expected to occur under these very fast flow conditions. Therefore, the carbon
activity and oxygen partial pressure in the helium coolant, under such nonequilibrium conditions,
will be determined by individual reactions that predominate in the gas mixture.

Although the gaseous impurities in a primary coolant environment may not be in equilibrium
with themselves or with surfaces of metallic components, driving forces will exist for gas-metal
interactions to occur. The extent to which these interactions will occur will be kinetic controlled,
dictated by time, temperature, alloy chemistry, and surface condition of the alloy. In such
nonequilibrium conditions, potentials for gas-metal corrosion reactions may be determined
through equilibrium thermodynamics by considering each individual chemical reaction that is
possible between the metal and individual gaseous impurities.

From the structural materials standpoint, we are interested in reactions that can affect the
corrosion loss and/or influence the mechanical integrity; reactions that can lead to processes such
as oxidation, carburization, and decarburization are of interest. Carburization and decarburization
processes are determined by the carbon activity in the gas mixture relative to that in the exposed
metal surface. Similarly, the oxidation process is determined by the oxygen partial pressure in the
environment relative to the stability of oxides of the constitutive elements that are present on the
exposed metal surface. A detailed discussion on reactions between various gas species in
helium and its influence on the thermodynamic activity of carbon and oxygen has been discussed
elsewhere [Natesan et al. 2003].
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3.4.2 Corrosion Performance Data

A significant body of corrosion information has been developed on several candidate alloys
exposed to helium environments with a narrow range of impurity concentrations [Brenner and
Nilsen 1978, Graham et al. 1981, Johnson and Lai, 1981, Kondo 1981, McKee and Frank 1981,
Bates 1984, Cappellaere et al. 1984, Huchtemann 1989, and Graham 1990]. The selected gas
compositions were based predominantly on steam-cycle HTGRs, which were envisioned during
the 1970s and 1980s. A listing of gas compositions used in several of the investigations is given
in Table 3.8. Even though several studies have been conducted to evaluate the corrosion
performance of structural materials in helium that contained different concentrations (in a
somewhat narrow range) of impurities such as H,, H,0, CH,, CO, CO,, none of the studies was
conducted with a systematic variation in gas composition to evaluate its influence on the scaling
and its protective capacity at elevated temperatures. Figure 3.81 shows examples of scale
morphologies that have been observed on Alloy 800H, Nimonic 86, and Alloy 617. There are
variations in scaling depending on alloy chemistry. Scaling can also be influenced by gas
chemistry in the exposure environment and temperature.

Johnson and Lai [1981] examined the carburization behavior of Alloys 800H and 617 and
Hastelloy X in helium containing various amounts of H,, H,0, CH,, CO, CO,, in a temperature
range of 649 to 1000°C for exposure times up to 10,000 h. Four different helium environments,
identified as A, B, C, and D (see Table 3.8), were used in the experiments. Environments A and
B were characteristic of high-oxygen potential, whereas environments C and D were characteristic
of low-oxygen potential. Thermodynamic calculations indicated that all four environments were
reducing to iron oxides (and to thermodynamically less stable oxides of nickel, molybdenum,
cobalt, etc.) and oxidizing to chromium and to elements more reactive than chromium
(manganese, silicon, titanium, aluminum, etc.). Figure 3.82 shows the equilibrium partial pressure
for several oxides as a function of reciprocal temperature, along with the calculated oxygen partial
pressures, for environments A through D listed in Table 3.8. Several conclusions were reported
based on the results from the study.

Carbide Spinel
@ A12/03 ’v‘T
(-
. Carbide
> O‘ﬂ‘ p /
INCOLOY 800H NIMONIC 86 INCONEL 617
F205™ L 850°C 10000 h +208™ 4 900°C 8600h R29HM | 9500C 10000h

Figure 3.81. Different surface layers observed on high temperature alloys exposed to helium
in high temperature reactor [Schubert 1984].
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Table 3.8. Gas chemistries used in various investigations

Gas Gas composition (in Pa)

Identification Ho CO CHy4 CO2 H20 N2 Reference

A 150 45 5 <0.05 5 - Johnson and Lai 1981

B 20 10 2 0.5 5 - Johnson and Lai 1981

C 50 5 5 <0.05 <0.05 - Johnson and Lai 1981

D 50 5 5 <0.05 0.15 - Johnson and Lai 1981, Brenner and
Nilsen 1978

HTR 50 5 2 - 0.1 - Graham et al. 1981

Decarb. 50 0.5 0.5 - 0.1 - Graham 1990

Carb. 50 0.15 0.2 - 0.01 - Graham 1990

JAERI-B 20 10 0.5 0.2 0.1 <0.5 Kondo 1981

ERANS#2 30 10 0.4 0.1 0.3 <0.5 Kondo 1981

PNP 50 2 2 0.1 <0.2 0.5 Kondo 1981, Quadakkers and
Schuster 1984, Bates 1984

GE 40 4 2 0.02 0.2 0.6  McKee and Frank 1981

Lab | 150 45 5 - 5 - Cappellaere et al. 1984

AIDA 150 45 5 - 5 - Cappellaere et al. 1984

Lab Il 50 15 2 - 0.15 0.5 Huchtemann 1989

ERANS: Engineering Research Association of Nuclear Steelmaking, Japan.
JAERI: Japanese Atomic Energy Research Institute.

HTR: High Temperature Reactor.

PNP: Prototype Nuclear Process.

GE: General Electric Company.

Lab | and Lab II: Environments in laboratory tests.

Carburization was observed in all four environments. For all three alloys, carburization
kinetics in the low-oxygen-potential environments (C and D) were significantly higher
(approximately one order of magnitude) at elevated temperatures than those in the high-
oxygen-potential environments (A and B) for all three alloys. The enhanced
carburization was attributed to kinetic effects in low-oxygen-potential environments
rather than the variation in gas chemistry.

The scale formed on the metal surface in the high-oxygen-potential environments
consisted of oxides of manganese and/or chromium, while the scale formed in the low-
oxygen-potential environments consisted of Mn- and/or Cr-rich oxides and
Cr-rich carbides.

Controlling the oxygen potential of the service environment can be an effective means of
reducing carburization of austenitic alloys. The effect of increasing the oxygen potential
on the corrosion rates of HTGR core graphite must be considered in evaluating the
practical application of this approach.

Graham et al. [1981] examined Alloy 617 and Nimonic 86 in a helium environment that was
considered as a standard gas (see Table 3.8) for helium-cooled process heat systems by
exposing the alloys at temperatures between 800 and 1000°C for times up to 10,000 h. They
related the degree of depletion or production of impurities caused by the gas/metal reactions that
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Figure 3.82. Equilibrium
partial pressure for several
oxides as a function of
reciprocal temperature,
along with calculated oxygen
partial pressures, for
environments A through D
listed in Table 3.8 [Johnson
and Lai 1981].
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occur at the metal surface by a parameter relating the surface area of the specimen and
volumetric flow of helium. The study reported several conclusions, as follows:

* Both the alloys developed thin, adherent, chromium-rich oxide scales. These scales
gave excellent resistance to carburization, although scale variations occurred due to the
influence of minor alloying elements such as titanium, aluminum, and manganese.

* The influence of variations in gas chemistry showed that if the CH,/H,O ratio is
unfavorable, enhanced carburization resulted, and if the CO/H,O ratio is unfavorable,
decarburization was noted.

In a further study, Graham [1990] evaluated the long-term performance of Alloys 800H and
617 at temperatures between 400 and 1000°C from the standpoint of decarburization, carbon
deposition/carburization, internal oxidation of the substrate, and spalling of the surface scales.
Two different gas chemistries were used, identified as “Decarb” and “Carb” in Table 3.8. Several
conclusions were reported from this study:

* Below =475°C corrosion is minimal, and the high-chromium alloys developed thin
chromia scales. At temperatures up to 900°C, the high-chromium alloys exhibited thin

55



chromia scales along with internal oxidation of aluminum and precipitate-free zones.
Carburization effects are enhanced if the scale is porous or if it spalls. Above 900°C
rapid decarburization or carburization occurred, depending on the gas chemistry.

* The onset of rapid carburization or decarburization occurred above a critical temperature
that is dependent on the alloy composition and the CO partial pressure in the
environment. It was postulated that at this critical temperature CO becomes relatively
more stable than the metal oxide and metal carbide. Above the critical temperature, the
H, in the environment reduces the chromia scale, and the released H,O reacts with
carbon in the alloy to form CO. Graham [1990] termed this mechanism as “gas
catalyzed” reaction, whereas Brenner [1982] called it a “microclimate reaction.” Brenner
concluded that a “low” CH,/H,0O ratio (i.e., excess H,O) stabilized the Cr-based surface
oxide and led to decarburization, whereas a “high” CH,/H, ratio (i.e., excess CH,) led to
Cr-based surface carbide and continuous carburization.

Kondo [1981] evaluated the corrosion performance of Hastelloy X and XR in two gas
mixtures (see Table 3.8) and concluded that Hastelloy X suffered from intergranular attack and
internal oxidation. The modified alloy XR did not show appreciable susceptibility to such an
attack, and it formed a continuous oxide film up to 1000°C in both environments. The kinetics of
Cr depletion followed a parabolic rate law, based on exposures up to 6,000 h at 1000°C. The
enhanced resistance of Hastelloy XR was attributed to formation of a double layer that consisted
of an outer layer of MnCr,O, and an inner layer of Cr,0,. Kondo also suggested that it is
essential to maintain the ratio of the reacting metal surface to the volumetric flow rate of helium-
containing impurities during experimentation, thereby minimizing the change(s) in gas chemistry
during long exposure periods.

Bates [1984] established the long-term corrosion behavior of Alloys 800H and 617, Nimonic
86, and Hastelloy X for the primary circuit in the prototype nuclear process (PNP) reactor.
Exposures were conducted in the temperature range of 700 to 900°C for times up to 10000 h. In
PNP helium chemistry (see Table 3.8), Nimonic 86 exhibited resistance to carburization at
temperatures of 700 to 900°C, and this behavior was attributed to formation of defect-free
chromia scales. Alloys 800H and 617 and Hastelloy X also showed good carburization
resistance, but a slow increase in carbon level with a parabolic kinetics. This behavior was
attributed to interference (in the formation of chromia scales) from other oxide-forming elements in
the alloys. Complete resistance to spalling of the scales was reported in all alloys, except Alloy
800H. The cause for severe spalling in Alloy 800H was attributed to the presence of 0.5 wt.% Si
in the alloy. The good carburization resistance observed in the alloys was lost or severely
reduced when water levels in the gas dropped below 0.05 Pa.

McKee and Frank [1981] examined the corrosion behavior of several experimental alloys in
a simulated helium environment to evaluate the role of alloying additions such as Al, Ti, Si, Nb,
and Y in a base composition of Ni-20 wt.% Cr. Experiments were conducted for 1,000 h at 750
and 850°C and for 1,000 and 3,000 h at 950°C. The alloys exhibited considerable variation in
corrosion behavior over these test conditions. In general, carburization was more severe at
950°C than at lower temperatures. Alloys containing Al were susceptible to internal oxidation at
all three temperatures and to carburization at 950°C. Additions of Nb promoted formation of
protective oxide scales at all three temperatures. Alloys containing Si were resistant to
carburization but the scales tended to spall. Alloy containing 1 wt.% Y exhibited massive
precipitation of Cr carbides and poor corrosion performance at 950°C.
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Cappellaere et al. [1984] examined the influence of helium pressure on the corrosion of
ferritic and austenitic materials by conducting tests at 2 atm in a circuit without helium recirculation
and at 50 atm in the AIDA loop. The gas chemistries in both these experiments were the same
(Table 3.8). Experiments were conducted with HT 9 ferritic steel, Types 304 and 316 austenitic
stainless steels, Alloys 800H and 617, and Hastelloy X. Specimens were exposed at
temperatures between 550 and 870°C for time periods up to 10,000 h at 2 atm and for 2,500 h at
50 atm. Several conclusions were drawn from the study:

* Up to 650°C, HT-9 ferritic steel and Types 304 and 316 austenitic steels, and Alloy 800H
showed excellent corrosion performance.

* At 750 and 870°C, Hastelloy X exhibited better resistance to oxidation than Alloys 800H
and 617. For all three alloys, the oxidation rates decreased with time, but the rates were
=3 times higher for Alloys 800H and 617 when compared with Hastelloy X.

* In general, the oxidation rates at 50 atm were higher than those at 2 atm. At 870°C, the
materials were more damaged after 2,500-h exposure in 50-atm tests, compared with
10,000-h exposure in 2-atm tests. Figure 3.83 shows a comparative plot of the corrosion
behavior for the three alloys from 2- and 50-atm tests.

3 T T T T T T T T
- E Open symbols: 2 atm E
NE 25 Closed symbols: 50 atm -
o B
g 5 F 1 Figure 3.83. A comparative plot of
© o T corrosion behavior for Alloys 800H,
& 1sF 1 Nimonic 86, and 617 from 2- and 50-
= B 1 atm tests (Cappellaere et al. 1984).
> - ,
- 1L ]
8_ C Hstelloy X 7]
b B
& 05 [
= r

of

10° 10*
Time (h)

Huchtemann [1989] reported that in a helium environment with low oxygen pressure (see
Table 3.8 for gas chemistry used), the Alloy 617 surface underwent an enrichment of titanium and
had no manganese chromium spinel. In addition, an enhanced decarburization and internal
oxidation of aluminum occurred.

Figure 3.84 is a comparative plot of the environments used in different research programs
listed in Table 3.8. The carbon activity in this plot is based on CH4/H; equilibrium, whereas the
pO2 is based on H./H,O equilibrium. Consistent with observations reported in several studies, a
tentative line can be drawn depicting the transition from the carburizing to oxidizing environment
for high chromium alloys. Even among the oxidizing environments, the alloy may undergo
decarburization, if the protective scaling process is kinetically slow. The results presented here
clearly show that significant additional tests are needed in well-controlled environments to
establish the mode of interaction for materials and its dependence on alloy and gas chemistry,
exposure time, and temperature.
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4. Gas-to-Gas IHX Calculations

4.1 Printed Circuit Heat Exchanger
411 Base Case

The gas-to-gas IHX calculations are organized in the following way. First, the calculations
are performed for “base case” for which the hot and cold fluid parameters are specified and the
HX configuration is assumed. Then, the sensitivity study is performed to determine the effects of
the different parameters. Table 4.1 defines the base case parameters.

The internal configuration of PCHE presented in Table 4.1 represents the assumed values
for the model. It may not reflect the actual PCHE configuration, which is proprietary information of

Heatric and is not known to authors.

Table 4.1. Gas-to-gas base case parameters

Flow Conditions Value Units
Hot side fluid He
Hot side inlet temperature 900 °C
Hot side outlet temperature 575 °C
Hot side inlet pressure 7.0 MPa
Hot side flow rate 26.7 kg/s
Cold side fluid He
Cold side inlet temperature 558 °C
Cold side inlet pressure 1.95 MPa
Cold side flow rate 26.7 kg/s

Heat Exchanger Parameters
HX type PCHE
Unit length 0.6 m
Unit width 1.5 m
Unit height 0.6 m
Channel diameter 1.6 mm
Pitch-to-diameter ratio 1.5
Plate thickness-to-diameter ratio 1.33
Zigzag angles, hot and cold sides 90°, 45°
Header length, each side 11 cm
Pressure boundary thickness 17 mm
HT region pressure drop as fraction 80 %
(o]

of total pressure drop
HX core material Alloy 617

Since Table 4.1 already defines the hot side outlet temperature, the PCHE model has been
modified to calculate the required HX volume, or number of HX units, to match the outlet
temperature. (Previously, the model was configured to calculate outlet temperature for given
number of HX units). In order to avoid round-up error in the analysis, the number of units is
allowed to be non-integer in the results and on the graphs below. (In reality, the number of units
should be rounded-up to the nearest integer).
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Table 4.2 shows the results of the base case calculation. Figure 4.1 shows the calculated
temperature profile inside the HX along the channel.

Table 4.2. Gas-to-gas base case results

Parameter Value Units
HX total heat duty 45.062 MW
Required number of HX units 19.408
Cold side outlet temperature 883 °C
Hot side pressure drop 25.6 kPa
Cold side pressure drop 43.7 kPa
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Figure 4.1. Temperature profiles for base case
4111 Effect of Channel Diameter

In order to investigate the effect of the channel diameter on the IHX sizing and performance
the channel diameter was varied while all other parameters were kept the same as defined in the
base case above. Since input data specifies pitch-to-diameter and plate thickness-to-diameter
ratios, actual channel pitch and plate thickness changed proportional to the channel diameter in
this study. Figure 4.2 shows variation of the required HX volume and calculated pressure drop
with channel diameter. Smaller channel diameter increases surface are per unit volume.
Therefore, smaller HX volume is required to achieve the given heat duty. Thus, small channel
diameter is preferred from the heat transfer point of view. At the same time, smaller channel
diameter means higher flow velocities and, therefore, higher pressure drop. It follows from Figure
4.2 that the pressure drops on both sides fall below 50 kPa (which was specified as reference) at
channel diameters grater than about 1.6 mm. For this reason, d=1.6 mm was selected for the
base case above.
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Effect of HX Channel Diameter
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Figure 4.2. Effect of PCHE channel diameter on HX size and pressure drop.
41.1.2 Effect of Channel Zigzag Angle

As it was indicated above, the PCHE technology allows variation of the zigzag channel
angle as defined in Figure 2.4. Since the exact range of the angles is unknown?, it was assumed
that the angle can be varied from 45° up to 90°. Beside this range, straight channel (a=0°) has
been analyzed for comparison.

Figures 4.3 and 4.4 show the effect of the angle variation on the required HX volume and
pressure drop. Again, the tradeoff between HX size and pressure drop exists. Larger zigzag
angle increases heat transfer area resulting in better heat transfer, but also increases the channel
length and pressure loss coefficient resulting in larger pressure drop. It follows from the Figure
4.2 that the hot side pressure drop is smaller than that of the cold side (due to higher pressure
and, therefore, higher density and lower velocity). Therefore, the maximum zigzag angle (90°)
was selected for hot side for the base case. On the cold side, 45° angle was selected to reduce
the pressure drop.

 The zigzag angle is a part of the PCHE internal configuration which is proprietary information of Hetaric.
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Effect of Hot Side Zigzag Angle
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Figure 4.3. Effect of PCHE hot side zigzag channel angle on HX size and pressure drop.
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Effect of Cold Side Zigzag Angle
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Figure 4.4. Effect of PCHE cold side zigzag channel angle on HX size and pressure drop.
4113 Effect of other PCHE Internal Configuration Parameters

The other PCHE parameters (such as channel pitch-to-diameter ratio and plate thickness)
presented in Table 4.1 could not be optimized based on the HX sizing and pressure drop. This is
due to the fact that all thermal hydraulic characteristics are defined by flow rate through one
channel, if channel geometry stays the same. Therefore, given heat duty defines the required
number of channels. Thus, if pitch-to-diameter ratio is increased, for example, then proportionally
larger HX volume would be required to accommodate the same number of channels. In case of
the plate thickness, there would be additional effect of the increased thermal resistance of the
plate. Therefore, from thermal hydraulic prospective, the smaller values of those parameters the
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better. Those parameters should be defined from mechanical calculations. At this time, some
reasonable values based on engineering judgment are assumed for the base case.

This section completes the optimization of the PCHE for the base case, gas-to-gas IHX.
Below is presented the investigation of other external parameters on PCHE performance. In that
further investigation, the PCHE configuration is fixed as defined in Table 4.1.

4.1.2 Effect of PCHE Construction Material

Several HX core (plate) materials have been investigated to see the effect on the PCHE
thermal hydraulic performance. The considered list of the materials includes:

- Type 316 Stainless steel,
- Alloys 230, 617, 800H, and Hastelloy X,

- Silicon-based ceramics: aSiC, BSiC, and Si3Nj.

Figure 4.5 shows the effect of the core material selection. Overall, ceramics materials
required smaller HX volume due to higher thermal conductivity. At the same time, smaller HX
volume leads to fewer channels increasing flow rate per channel and, therefore, pressure drop.
Among the metals, the difference in HX performance is very small. This is due to the fact that for
the analyzed conditions the thermal resistance of the plate in PCHE is about order of magnitude
lower than the thermal resistance of the gas inside channels. Thus, variation of plate thermal
conductivity has minimum effect on the overall thermal resistance. Even for the ceramics, where
thermal conductivity is roughly twice that of the metals, the maximum benefit in HX size is only
about 13% (~17 HX units for aSiC vs. ~19.5 HX units for alloy 230). Alloy 617 was selected for
the base case simply based on expected better mechanical properties at those temperature
conditions, and not on the thermal hydraulic HX performance.

41.3 Effect of Reactor Outlet Temperature

In this analysis, the reactor outlet (hot side IHX inlet) temperature has been varied in the
range +100°C around the base case value. In order to keep the HX heat duty the same, the hot
side outlet temperature has been changed too such that AT on hot side would be constant. Also,
the temperature difference between hot and cold flow at cold side inlet has been kept constant.
This approach provides that any change in HX performance is solely due to change in gas and
metal properties, mainly thermal conductivity, and not due to changed heat duty, for example.

Figure 4.6 shows the effect of the IHX hot side inlet temperature on the IHX performance.
Higher thermal conductivity at higher temperatures enhances heat transfer resulting in smaller
required HX volume.

41.4 Effect of Intermediate Loop Pressure

In this study the intermediate loop (IHX cold side) pressure has been varied from 1 to 8
MPa. Figure 4.7 shows the effect of the pressure on the HX performance. Since the intermediate
fluid (helium) is closely approximated by ideal gas at these conditions, its properties do not
change much with pressure, except for the density. Therefore, the heat transfer HX performance
does not change much with the pressure. The pressure drop, on the other hand, is mainly
affected by the flow velocity, which is defined by the density. So, the cold side pressure drop
changes significantly with the pressure.
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Figure 4.5. Effect of PCHE core material on HX size and pressure drop.
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Effect of Reactor Outlet Temperature
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Figure 4.6. Effect of reactor outlet temperature on HX size and pressure drop.
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Effect of Secondary Side Pressure
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Figure 4.7. Effect of intermediate loop pressure on HX size and pressure drop.
4.1.5 Effect of Mass Flow Margin on IHX Heat Duty

As it was discussed above, the thermal hydraulic performance of the HX is defined by flow
rate through one channel. Therefore, if the total flow rate through HX is changing, proportionally
more or less channels would be required to achieve the same conditions of the flows. The HX
heat duty would be changing proportional to the flow rate too, since the temperature conditions
are the same (Q=mC,AT). Thus, both HX size and heat duty are proportional to the flow rates, if
the temperatures are fixed. The pressure drop would remain the same in this case.

67



The other approach to see the effect of the flow rate has also been investigated. In this
case, the HX volume (number of units) has been fixed at base case value. The inlet temperatures
of both flows have also been fixed at base case values. The flow rates were varied within +20%
simultaneously on both sides. The outlet temperatures as well as HX heat duty has been
calculated. Figures 4.8 and 4.9 show the results of the calculations. The IHX heat duty and
pressure drops increase with the flow rate while temperature change on both sides decreases
reflecting better heat transfer at low flow rates.
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Figure 4.8. Effect of flow rate variation on HX heat duty and pressure drop.
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Effect of FLow Rate Margin
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Figure 4.9. Effect of flow rate variation on outlet temperatures.
4.1.6 Effect of Nitrogen-Helium Mixture in Secondary Loop

In this study, the secondary loop fluid has been changed to the nitrogen-helium mixture
(80%N,-20%He). The primary side conditions (fluid, flow rate, temperatures and inlet pressure)
as well as HX parameters (number of units and configuration) has been fixed as for the base case
above. The cold side inlet temperature was varied parametrically while the inlet pressure was
fixed at 7 MPa. The code calculated the required N,-He mixture flow rate and outlet temperature,
as well as pressure drops on both sides.
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Figure 4.10 shows the results as a function of the cold side inlet temperature. The results
could also be used in the following way. If secondary loop IHX outlet temperature is defined (say,
20 °C below primary loop IHX inlet or 880°C), then results in Figure 4.9 define the required
mixture flow rate and inlet temperature (105 kg/s and 550°C in this example).
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Figure 4.10. Results for nitrogen-helium mixture.
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Figure 4.11 demonstrates how the temperature profiles are affected by the secondary fluid
inlet temperature and flow rates. Three N,-He mixture inlet temperatures were selected from
Figure 4.10 — 500, 550, and 570°C. The mixture flow rates were defined by Figure 4.9.
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Figure 4.11. Temperature profiles for different inlet temperatures in nitrogen-helium mixture.
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4.2 Shell-and-Tube IHX

The IHX gas-to-gas calculations were repeated for shell-and-tube HX. Table 4.3 shows the
base case parameters and results of the calculations. Figures 4.12-4.21 show the results of the
sensitivity analysis of different parameters on IHX performance, similar to those performed for
PCHE. Table 4.4 shows the comparison between PCHE and shell-and-tube heat exchangers. The
results for the shell-and-tube heat exchanger are reported for bare and finned tubes. Table 4.4
demonstrates the compactness of PCHE compared to shell-and-tube HX.

Table 4.3. Shell-and-Tube IHX Base Case Parameters and Results

Flow Conditions Value Units
Hot side fluid He
Hot side inlet temperature 900 °C
Hot side outlet temperature 575 °C
Hot side inlet pressure 7.0 MPa
Hot side flow rate 26.7 kg/s
Cold side fluid He
Cold side inlet temperature 558 °C
Cold side inlet pressure 1.95 MPa
Cold side flow rate 26.7 kg/s

Heat Exchanger Parameters
Shell-and-
HX type Tube
Tube length 6.0 m
Tube inner diameter 10 mm
Tube outer diameter 14 mm
Pitch-to-diameter ratio 1.33
Number of fins on inner tube surface 0
Number of fins on outer tube surface 0
Tube side Hot He
Tube material Alloy 617
Results

HX total heat duty 45.062 MW
Required number of tubes 174,800
Required shell diameter (1 unit) 8.175 m
Cold side outlet temperature 883 °C
Hot side pressure drop 0.052 kPa
Cold side pressure drop 0.055 kPa
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Effect of HX Tube Diameter

Tube Inner Diameter, cm

30 -
E 25
g 20
o
E /
*
0
0.5 1.5 2 2.5
Tube Inner Diameter, cm
Effect of HX Tube Diameter
1%
]
S o _ —=—-dp_h
a - = —e—dp_c
2 \\
a
o 0.01 \"%
a \
£ 0.0 Rint. S
0.0001
0.5 1 1.5 2 2.5

Figure 4.12. Effect of tube diameter on shell-and-tube IHX performance.
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Effect of HX Tube Length
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Figure 4.13. Effect of tube length on shell-and-tube IHX performance.
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Effect of Surface Fins
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Figure 4.14. Effect of tube fins on shell-and-tube IHX performance.
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Effect of Inner Surface Fins
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Figure 4.15. Effect of tube inner surface fins on shell-and-tube IHX performance.
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Effect of Outer Surface Fins
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Figure 4.16. Effect of tube outer surface fins on shell-and-tube IHX performance.
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Figure 4.17. Effect of tube material on shell-and-tube IHX performance.
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Effect of Reactor Outlet Temperature
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Figure 4.18. Effect of reactor outlet temperature on shell-and-tube IHX performance.
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Effect of Secondary Side Pressure
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Figure 4.19. Effect of intermediate loop pressure on shell-and-tube IHX performance.
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Effect of FLow Rate Margin
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Figure 4.20. Effect of flow rate variation on shell-and-tube IHX performance.
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Figure 4.21. Effect of flow rate variation on shell-and-tube outlet temperatures.
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Table 4.4. Comparison of PCHE and shell-and-tube IHX designs.

Heat Exchanger Type

Unit dimensions

Number of units

Total HX volume, m®

Pressure drop, hot/cold sides, kPa

Shell-and-Tube

PCHE
RgnT((\/Lv))); 6m (L) x 6m (L) x
0.6 m (H) 817m (D)  3.31m (D)
19.408 1 1
10.5 314.5 51.6
25.6 0.05 3.2
43.7 0.05 3.7
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5. Stress Calculations in Gas-to Gas IHX

5.1 Compact IHX

Thermal and stress analyses of a three-dimensional honeycomb structure like the compact
IHX are highly complex. Further, Subsection NH of the ASME Code, whose rules were developed
for shell-like structures, does not apply directly to three-dimensional structures like the compact
IHX. Both analyses and design tools have to be developed for the compact IHX in the future if it
becomes a serious option for the NGNP.

For the purpose of the present report, a 0.38 m long (excluding the 0.11 m long header
regions at the inlet and outlet ends) unit cell of the compact IHX core is considered. Half of the
cross-section of a repeating unit cell from the reference geometry used in the analysis is shown in
Fig. 5.1. Semi-circular hot and cold coolant channels have 1.6 mm diameter. The channels were
considered to be straight (without zigzag). The hot (and cold) channels have a spacing of 2.56
mm and the hot and cold channels have a spacing of 2.133 mm. The base case with the reactor
outlet temperature of 900°C, the reactor outlet pressure of 7 MPa, and the intermediate loop
pressure of 2 MPa is considered for stress analysis. First, a steady-state thermal conduction
analysis was carried out using the heat fluxes for both the hot and cold channels as a function of
axial location reported in Section 4.1.1. Next stress analyses were conducted with and without
thermal stress contribution.

| :Figﬁr“e :5.:1 .: HaIf o:f fhé brbésls;edtibr{ o:fé :re:p:ea:tir\g: unlt cell of the compact IHX.
511 Thermal Conduction Analysis

The structural material considered was Alloy 617 whose thermal conductivity was input as a
function of temperature in the finite element code (ABAQUS). Although the HTC and gas
temperature data were calculated at 71 axial locations in Section 4.1.1, in the FEA, the total
length of the compact IHX was divided into 11 sections and average values of the HTC and gas
temperature were used in each section.
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The FEA-calculated distribution of temperatures at the hot and cold ends of the IHX are
plotted in Figs. 5.2 and 5.3, respectively. Note that the temperature gradient at each end from the
hottest to the coldest point is small (=5°C). However, there is a large axial temperature gradient
from the hot to the cold end, as expected. The maximum and minimum structure temperatures
are 882 and 570°C, respectively. For comparison, the average structure temperatures at the hot
end calculated by the thermal hydraulics analysis are 897°C for the hot channel and 880°C for the
cold channel. The corresponding structure temperatures at the cold end are 578 and 561°C,
respectively. Figure 5.4 gives the temperature distribution at an interior section (z=0.24 m).
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Figure 5.2. Temperature distribution in the
compact IHX at the hot end.
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5.1.2 Stress Analyses

Two stress analyses, both assuming linear elastic behavior, were conducted using the finite
element code ABAQUS. First, a primary (pressure) stress analysis was conducted without any
contribution from thermal stresses. Second, a secondary (thermal) stress analysis was conducted
without the pressure stresses. In the second analysis, the temperature data calculated in the
thermal conduction analysis (Section 5.1.1) were input into the ABAQUS code. In both cases, the
axial displacement (u,) was set equal to zero at one end (z=0) and generalized plane strain

deformation (i.e., uy=constant) was assumed at the other end. Similar boundary conditions were
used at the other symmetry planes, e.g., zero uy displacements at x=0 and uy=constant at the

other symmetry plane, and so on for the y displacements. Although a periodic boundary condition
would be more appropriate, the present approach should give conservative results.

5.1.21 Primary Stress Analysis

The primary stress distribution at either end of the IHX is identical and is shown in Fig. 5.5.
The stresses are higher near the hot channel than in the cold channel because the pressure in the
hot channel is 7 MPa and the pressure in the cold channel is 1.9 MPa. The maximum von Mises
effective stress is 22 MPa which occurs locally at the edge of the hot coolant channel. A slightly
higher maximum stress (22.5 MPa) occurs at a section in the middle. However, most of the
structure is under relatively low stress. There is little variability in the stress distribution along the
length of the IHX. Note that the peak stress is not relevant for satisfying ASME primary stress
requirements, as will be discussed later.
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Figure 5.5. Distribution of primary (pressure)
von Mises effective stress at either end of the
compact IHX.

5.1.2.2 Secondary Stress Analysis

The distribution of effective von Mises stress at the hot and cold ends of the IHX due to
thermal loading alone are plotted in Figs. 5.6 and 5.7, respectively. A peak stress of 52 MPa
occurs at the periphery of the hot channel where the temperature is 880°C. The peak stress at
the cold end is 116 MPa, which also occurs at the periphery of the hot channel (Fig. 5.7) where
the temperature is 565°C (Fig. 5.3). In the interior, shown in Fig. 5.8, a maximum stress of 66
MPa occurs at the periphery of the hot channel where the temperature is 664°C (Fig. 5.4).
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Figure 5.6. Distribution of von Mises effective
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Figure 5.7. Distribution of von Mises
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effective stress due to thermal loading at
an interior section (z=0.24 m).

51.3 ASME Code Compliance Calculations

Since the IHX operates in a high temperature environment where creep deformation is
important, Subsection NH of ASME Code, Section Ill is applicable. However, there are several
problems with applying ASME Section Il code rules to the compact IHX structure. First, the use
of the primary candidate structural Alloy 617 is currently not approved in Subsection NH. There is
a draft Code Case (still unapproved) for designs using Alloy 617. The draft Code Case was
patterned after relevant portions of Subsection NH, and limited to Alloy 617, temperature of 982°C
(1800°F), and maximum service life [total life at temperatures above 427°C (800°F)] of 100,000 h
or less. However, the ratcheting rules in the draft Code Case is limited to a maximum
temperature of 649°C. The draft Code Case focused on Alloy 617 because it was a leading
candidate high-temperature structural material, and there was a significant material properties
database at the temperature of interest. We have used the allowable stress values from this draft
Code Case for the present report. Second, there is an additional problem because the code rules
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were formulated for shell-type structures in which one of the dimensions (thickness) is much
smaller than the other two. In contrast, the compact IHX is a three-dimensional honey combed
structure in which there is no unique way of determining membrane and bending stresses, the
limits on which form the bases of many of the Code rules.

In the absence of any guidance on designing these kinds of structures, we have made some
ad hoc assumptions to define the membrane and bending stresses by taking advantage of the
thinness of the walls separating the channels.

5.1.31 Primary Stress Limits

A basic high temperature primary stress limit is Sy,;, which is the lesser of S;,, and S;, and is
a function of both time and temperature. For nickel-based alloys, S, is basically defined as
follows:

|3
S = 5.1
=min > (5.1)

where S, is the lesser of ultimate tensile strength at temperature and the minimum ultimate
tensile strength at room temperature, Sy is the lesser of yield strength at temperature and the

minimum yield strength at room temperature. For each specific time t and temperature T, St is
defined as the least of the following three stresses:

(1) 100% of the average stress required to obtain a total (elastic, plastic, and creep) strain of 1%,
(2) 80% of the minimum stress to cause initiation of tertiary creep, and (5.2)

(3) 67% of the minimum stress to cause rupture.

In the draft code case for Alloy 617, the condition (2) above is dropped because nickel alloys do

not exhibit classical (i.e., primary, secondary, and tertiary) creep behavior. The reported S;, and
St values for Alloy 617 are plotted in Fig. 5.9.
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To apply the code rules for primary stresses, primary membrane and bending stresses have
to be determined first. To do this, we have plotted the variation of the von Mises effective stress
along a path across the hot channel-to-hot channel ligament and another path across the hot
channel-to-cold channel in Figs. 5.10 a-b, respectively. These variations of stress remain
practically unchanged at any section of the IHX along the length. The membrane and equivalent
linear stress distributions were calculated by equating the total force and bending moment of the
actual stress distribution to those of the membrane and the equivalent linear stress distributions.
This approach allows us to define the primary membrane P, (and P|) and primary bending stress

P,. Due to symmetry, the hot channel-to-hot channel ligament do not experience any primary

bending stress. Note that although the peak stresses do not control the rupture time of the
ligaments, they will have an influence on the creep-fatigue life of the IHX.
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Figure 5.10. Variation of von Mises effective stress along a path across the (a) hot channel-to-hot
channel ligament and (b) hot channel-to-cold channel ligament at the hot end of the IHX. Also
shown are the membrane and equivalent linear stress distributions.

The ASME Code (Subsection NH) requires that for normal operation and upset conditions
(Service Levels A and B loadings)

Pm < Smt, (5.3)
P + Py £ KSp, and (5.4)
PL + Py/K; < Sy (5.5)

where K; accounts for relaxation of extreme fiber bending stress due to creep. The factor is given
by
Kt = (K+1)/2 (5.6)

where K is the bending shape factor. For solid rectangular sections, K=1.5. However, for a
hollow section like the compact IHX, it should be < 1.5. To be conservative, we have assume
K=1. The calculated values of P,, and P_ + Py, for the two paths considered in Figs 5.10a-b are
plotted on the allowable stress intensities vs. time and temperature plot for Alloy 617 in Fig. 5.11a-
b, respectively. It is evident that the P_ + Py, limit is the controlling criterion for life of the hot-to-
cold channel ligament. The maximum allowable design lives of the hot channel-to-hot channel
and the hot channel-to-cold channel ligaments are 80,000 and 90,000 h, respectively, for the
assumed reactor outlet conditions. These design lives are based on design curves given in the
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draft Code Case for Alloy 617 and may have to be reduced if thickness effects are taken into
account.
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Figure 5.11  Calculated Pm and P + Pp values along paths across the (a) hot channel-to-hot

channel ligament and (b) hot channel-to-cold channel ligament for the IHX plotted on the
allowable stress intensities vs. temperature and time curves for Alloy 617.

Diffusion Bonded Joint

If the IHX is fabricated by diffusion bonding, the bond strength may become the controlling
factor for life. The distributions of the von Mises effective stress along the diffusion joint and the
stress normal to the joint are plotted in Fig. 5.12a. Although the integrated net force due to the
normal stress across the joint is zero, the von Mises effective stress is relatively constant. Also,
half of the joint is under normal tensile stress, which is balanced by compressive stress on the
other half. The average value of the von Mises stress is plotted on the allowable stress intensities
vs. time and temperature plot for Alloy 617 in Fig. 5.12b. Currently, we have no data on the high
temperature creep rupture properties of diffusion-bonded Alloy 617 plates. If the bond strength is

as good or better than the base material, the design life of the joint is > 109 h.
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Figure 5.12  (a) Variation of von Mises effective stress along a path on the diffusion joint and (b)
the primary membrane stress intensity P, and the allowable stress intensities vs. temperature

and time curves for Alloy 617.
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5.1.3.2 Primary Plus Secondary Stress Limit

The primary plus secondary stress limits were checked at three sections: the hot end, the
cold end and an intermediate section at z=0.25 m. A summary of the stresses at these locations
is given in Table 5.1.

Table 5.1 Summary of primary and secondary stresses in the IHX at three axial locations.
Location PL +Pp Q T Sy X Y
(MPa) (MPa) (°C) (MPa)
Cold end 22 116 570 238 0.09 0.49
z=0.24 m 22 66 665 238 0.09 0.28
Hot end 22 52 880 220 0.10 0.24
Ratcheting Limit

One of the available tests in Subsection NH for satisfying the ratcheting strain limit is Test
no A2.

Test No. A2
X+Y<1 (5.7)

for those cycles during which the average wall temperature at one of the stress extremes defining
the maximum cyclic primary plus secondary stress range is below the temperature where creep is
negligible. In Eq. 5.7,

X=(PL+ Pp)/S, or Ppy/S, and Y=Q/S, where Q=secondary stress intensity range.

Assuming that the low temperature end of the temperature cycle is below the creep range, it can
be verified that Test No. A2 is satisfied for all three locations considered in Table 5.1. However,
according to the draft code case for Alloy 617, the behavior of Alloy 617 above 650°C is such that
simple ratcheting rules like Test No A2 may not be applicable. New rules are needed in this
temperature range.

Creep-Fatigue Limit

Creep-fatigue life of the IHX will be influenced by the peak stresses due to the stress
concentration effects of the coolant channels. The creep and fatigue curves given in the draft
code case do not include the effects of impure helium environment. Further, creep-fatigue test
data are not available on diffusion bonded Alloy 617. Currently the design fatigue cycles for the
IHX are not well established and therefore, fatigue and creep-fatigue life analyses were not
performed.

5.2 Shell and Tube IHX

In contrast to the compact IHX, the shell and tube design is relatively easy to analyze. The
effect of the tube end conditions , which will add some complications to the analyses, is ignored
for the present. We have analyzed the base case for the reference deign of the shell and tube
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IHX which consists of 6-m long, 10-mm ID, and 14-mm OD Inco Alloy 617 tubes arranged in a
triangular lattice inside a shell. The reactor outlet temperature and pressure are 900°C, and 7
MPa, respectively and the secondary side pressure is 1.95 MPa and the inlet cold temperature is
575°C.

5.21 Primary Stresses

The membrane primary stress (P,,) due to the base case primary and secondary side
pressures is 12.6 MPa and the maximum average wall temperature 888°C. The membrane plus
bending primary stress (P_ + Py) at ID surface is 13.6 MPa and the peak temperature at this
location is 896°C. The calculated values of P,, and P_ + P, are plotted on the allowable stress
intensities vs. time and temperature plot for Alloy 617 in Fig. 5.13. It is evident that the P, + Py
limit is the controlling criterion for life and the maximum allowable design life for the shell and tube
IHX is 20,000 h for the assumed reactor outlet conditions. This design life is significantly greater
than that of the compact IHX for the same reactor outlet conditions.
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5.2.2 Primary and Secondary Stresses

Variation of the primary membrane plus bending (P_ + Py) and maximum secondary stress
intensities (Q) in the tube at all axial locations is shown in Fig. 5.14.

35 T
~ 30 fr i)
g -/ \ Y
% 25 L Secondary Stress Intensity (Q) 3
% Figure 5.14. Variation of P_. + P, and Q
o o0 I along the length of the tube.
<
2
% 15 /PL+P
10 -lIII N T L1 1 11 1 1.1 L1 1 11 111 L1 1 1

94



Ratcheting Limit

As in Section 5.1.3.2, assuming that the low temperature end of the temperature cycle is
below the creep range, Test No. A2 (Eq. 5.7) is applied. A plot of the variation of the value of X+Y
and average temperature with axial location is plotted in Fig. 5.15 which shows that Test A2 (Eq.
5.7) is satisfied at all axial locations.
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5.3 Discussions and Conclusions

Preliminary thermal and stress analyses have been conducted for the compact gas-to-gas
IHX and the shell and tube gas-to-gas IHX. The compact IHX structure is significantly more
difficult to analyze and design than the shell and tube structure. In particular, design rules of
Subsection NH of the ASME Code, which were developed for shell like structures like the shell
and tube design, are not strictly applicable to the complex three-dimensional structure of the
compact IHX. New analyses tools and design rules are needed for this type of structure. One
possibility is to replace the complicated honey combed core structure by an equivalent
homogeneous, anisotropic structure, conduct the thermal conduction and stress analyses first at a
macro level and then follow up with a more detailed analyses at a micro level using the results
from the macro analyses to form the boundary conditions for the micro analyses. The header
regions have to be included in the analyses, because interaction between the core structure and
the header regions may lead to high local stresses.

Approximate analyses of simplified geometries of the core region of both designs conducted
in this report show that both designs, using Alloy 617 as the structural material, satisfy the primary
stress and ratcheting stress limits for the base case. However, it should be noted that the
ratcheting rules in the Draft Code Case for Alloy 617 are limited to temperatures <650°C, which is
violated in the base case. Therefore, new ratcheting rules are needed for the IHX.

For a reactor outlet temperature and pressure of 900°C and 7 MPa, respectively, and a
secondary side inlet temperature and pressure of 575°C and 1.95 MPa, respectively, the
allowable design life (based on in-air tensile and creep rupture strengths of Alloy 617) is 80,000 h
for the hot channel-to-hot channel ligament and 90,000 h for the hot channel-to-cold channel
ligament of the compact IHX. If the tensile and creep rupture properties of the diffusion bonded
joint are as good or better than those of the base metal Alloy 617, its design life would be >10% h.
Tests are needed to verify that the tensile, creep and creep-fatigue strengths of the diffusion
bonded Alloy 617 joints used in the compact IHX are adequate. The design life of the shell and
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tube IHX is 20,000 h. These calculations are based on analyses of the IHX core; further reduction
in life may result from interaction of the core region with the header regions, which was not
included in the present analyses.

It should be noted that the above lifetimes are based on creep rupture data of Alloy 617 in
air. If tests show that exposure to high temperature impure helium leads to significant reduction of
creep rupture life compared to that in air, the design lifetimes will be reduced. The design lives
may also have to be reduced to account for thickness effect.

Alloy 230 is a potential alternate material for the IHX. Comparison of the yield and tensile
strengths of Alloy 230 and Alloy 617 (Fig. 5.16a) shows that at high temperatures both materials
have almost identical strengths. Comparison of creep rupture strengths (Fig. 5.16b) shows that
both materials have similar rupture properties except at 982 and 649°C and long times when Alloy
617 is superior to Alloy 230. Thus, replacing Alloy 617 with Alloy 230 as the structural material for
IHX will not lead to longer design lifetime for the IHX.
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Figure 5.16. Comparison of (a) yield and ultimate tensile strengths and (b) creep rupture
strengths of Alloys 617 and 230.
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6. Gas-to-Molten Salt IHX Calculations

6.1 Base Case

In this study the secondary helium was replaced with molten salt LiF-NaF-KF (FliNaK). The
conditions of the primary helium remain the same. Also the IHX configuration for the base case is
that defined in Table 4.1 for gas-to-gas base case (including utilization of PCHE technology).
Gas-to-salt base case parameters as well as the results are presented in Table 6.1 in comparison
with gas-to-gas base case.

Table 6.1. Gas-to-Salt Base Case

Secondary fluid He FLiNaK
Primary He inlet temperature, °C 900
Primary He inlet pressure, MPa 7

Primary He flow rate, kg/s 26.7
Primary He outlet temperature, °C 575
Secondary fluid inlet temperature, °C 558 558
Secondary fluid inlet pressure, MPa 1.95 2
Secondary fluid flow rate, kg/s 26.7 72.2
IHX heat duty, MW 45.062 45.062
Number of PCHE units 19.408 66.035
Primary side pressure drop, kPa 25.618 2.819
Secondary side pressure drop, kPa 43.72 0.07
Secondary fluid outlet temperature, °C 883 889.3

6.2 Sensitivity Study
6.2.1 Salt Flow Rate Variation

The effect of different parameters on the gas-to-salt IHX performance has been investigated
in the similar manner as for gas-to-gas described above. The only exception is that the salt flow
rate is considered an independent variable. Figure 6.1 shows the effect of the salt flow rate
variation.

The effect of different parameters on the gas-to-salt IHX performance has been investigated
in the similar manner as for gas-to-gas described above. The only exception is that the salt flow
rate is considered an independent variable. Figure 6.1 shows the effect of the salt flow rate
variation.
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Effect of Salt Flow Rate
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Figure 6.1. Salt flow rate effect.
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6.2.2 Variation of other parameters

Variation of other parameters (such as channel diameter) has been carried out for the gas-
to-salt case in the same manner as for gas-to-gas case. Figures 6.2 — 6.9 show the results of
parameters variation as described in Sections 4.1.1.1-4.1.5 and presented in Figures 4.2 — 4.9.
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Figure 6.2. Effect of PCHE channel diameter on HX size and pressure drop for gas-
to-salt case.
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Effect of Hot Side Zigzag Angle
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Figure 6.3. Effect of PCHE hot side zigzag channel angle on HX size and pressure drop
for gas-to-salt case.
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Effect of Cold Side Zigzag Angle
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Figure 6.4. Effect of PCHE cold side zigzag channel angle on HX size and pressure drop
for gas-to-salt case.
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Effect of HX Core Material
67

65

Number of HX units
g
|

63 -

62 L

61

SS316 Al617 Al230 800H HastX aSiC bSiC Si3N4
HX Core Material
Effect of HX Core Material = dp_h
10 mdpc

[0}
[« —— —— —— — — — S
4
d 1 T
o —
(=) —
v ]
2 01 L
d’_) —
o —

0.01

SS316 Al617 Al230 800H HastX aSiC bSiC Si3N4
HX Core Material

Figure 6.5. Effect of PCHE core material on HX size and pressure drop for gas-to-salt
case.
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Effect of Reactor Outlet Temperature
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Figure 6.6. Effect of reactor outlet temperature on HX size and pressure drop for gas-to-
salt case
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Effect of Secondary Side Pressure
70 -
) G AN— .
8 60
c
5 5
z
« 40
(o]
5 30
E
5 2
z
10
0 |
1 2 3 4 5 6 7 8
Cold Side HX Inlet Pressure, MPa
Effect of Secondary Side Pressure
—m— -dp_h
10 - =
—eo—dp.cF
|
§ _— . — — —— — — —— — — —— — — —h—— — &
a 1
2
a
g
=3
w 0.1
o < 4 4 46 <
o
0.01 |
1 2 3 4 5 6 7 8
Cold Side HX Inlet Pressure, MPa

Figure 6.7. Effect of intermediate loop pressure on HX size and pressure drop for gas-to-
salt case.
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Effect of FLow Rate Margin
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Figure 6.8. Effect of flow rate variation on HX heat duty and pressure drop for gas-to-
salt case.
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Effect of FLow Rate Margin
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Figure 6.9. Effect of flow rate variation on outlet temperatures for gas-to-salt case.
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7. Summary

The NGNP, which is an advanced HTGR concept with emphasis on both electricity and
hydrogen production, involves helium as the coolant and a closed-cycle gas turbine for power
generation with a core outlet/gas turbine inlet temperature of 900-1000*C. In the indirect cycle
system, an intermediate heat exchanger is used to transfer the heat from primary helium from the
core to the secondary fluid, which can be helium, nitrogen/helium mixture, or a molten salt. The
system concept for the VHTR can be a reactor based on the prismatic block of the GT-MHR
developed by a consortium led by General Atomics in the U.S. or based on the PBMR design
developed by ESKOM of South Africa and British Nuclear Fuels of U.K.

This report has made a preliminary assessment on the issues pertaining to IHX for the
NGNP. Two IHX designs namely, shell and tube and compact heat exchangers were considered
in the assessment. Printed circuit heat exchanger, among various compact HX designs, was
selected for the analysis. Irrespective of the design the material considerations for the
construction of the HX are essentially similar, except may be in the fabrication of the units. As a
result, we have reviewed in detail the available information material property data relevant for the
construction of HX and made a preliminary assessment of several relevant factors to make a
judicious selection of the material for the IHX.

The assessment included four primary candidate alloys namely, Alloy 617 (UNS N06617),
Alloy 230 (UNS N06230), Alloy 800H (UNS N08810), and Alloy X (UNS N06002) for the IHX.
Some of the factors addressed in this report are the tensile, creep, fatigue, creep fatigue,
toughness properties for the candidate alloys, thermal aging effects on the mechanical properties,
ASME Code compliance information, and performance of the alloys in helium containing a wide
range of impurity concentrations.

A detailed thermal hydraulic analysis, using a model developed at ANL, was performed to
calculate heat transfer, temperature distribution, and pressure drop inside both printed circuit and
shell-and-tube heat exchangers. The analysis included evaluation of the role of key process
parameters, geometrical factors in HX designs, and material properties. Calculations were
performed for Helium-to-helium, helium-to—helium/nitrogen, and helium-to-salt HXs. The IHX
being a high temperature component, probably needs to be designs using ASME Code Section
Ill, Subsection NH, assuming that the IHX will be classified as a class 1 component. With input
from thermal hydraulic calculations performed at ANL, thermal conduction and stress analyses for
both compact and shell-and-tube HXs were performed.

Several conclusions were drawn from this assessment:

* In general, majority of materials research and development programs in support of HTGRs
were conducted in the 1960s to early 1980s. The thrust of these programs was to develop
a database on materials for application in steam-cycle and process-nuclear-heat based
HTGRs. Very little work was done on materials with emphasis on direct and/or indirect
gas-turbine-based (of interest for ilHX in NGNP) HTGRs during this period.

* Among the four candidate materials, Alloy 800H is code certified for temperatures only up
to 760°C for use in nuclear systems and therefore, the temperature limit is not high
enough for application of this alloy in NGNP IHX. Neither Alloy 617 nor Alloy 230 is
currently allowed in ASME Code Section lll, although both are allowed in Section Viii,
Division 1 (for non-nuclear service). A draft code case for Alloy 617 has been developed
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but is not approved by the ASME Code. A limited database exists for Hastelloy X. Since
the high temperature scaling in Hastelloy X has not been adequate, a modified version
Hastelloy XR has been developed in programs conducted in Japan for which U.S. little
access for both evaluation and for ASME Code qualification.

Specific conclusions pertaining to materials database for Alloys 617 and 230 are as
follows:

- Alloy 617: Composition refinement is necessary to achieve consistent mechanical
properties and for precise evaluation of microstructural effects on mechanical
performance. Need to generate additional mechanical property data, especially on
creep fatigue behavior with and without hold time. The analysis showed that the
damage under creep-fatigue conditions is much more than predictions based on the
linear rule. Additional data on creep-fatigue under different loading scenarios are
needed to develop a predictive capability on creep fatigue damage in the alloy,
especially in helium purity levels typical of gas-turbine-based HTGRs. Need to
establish corrosion regimes in helium with impurity levels anticipated in gas-turbine-
based reactor system. Microstructural and mechanical property characterizations are
needed for thin section materials, especially for use in compact HXs. It is necessary to
validate the effect of system pressure on the corrosion performance of the alloy in
impure helium. Tests are needed to verify that the tensile, creep, and creep-fatigue
strengths of the diffusion bonded Alloy 617 joints used in the PCHE are adequate.

- Alloy 230: Limited data are currently available on the mechanical property for the alloy.
Data on Long term aging effects on the mechanical property need to be generated.
There is lack of information on the long-term corrosion performance of the alloy in
helium of relevant impurity levels. Microstructural and mechanical property
characterizations are needed for thin section materials, especially for use in compact
HXs. The effect of system pressure on the corrosion performance of the alloy in impure
helium needs evaluation.

Significant R&D will be needed to qualify Alloy 617 under ASME Code Section Ill for high
temperature applications, even though some design-relevant material properties are given
in the draft code case for temperatures up to 982°C. The ratcheting rules, that were
limited to <650°C in the draft code case, need to be expanded to allow higher
temperatures. At present, there is insufficient database for Alloy 230 to develop a code
case for elevated temperature application. If the IHX is classified as Class 2 or Class 3
component, new Code Cases need to be developed for high temperature applications.

Design rules of Subsection NH of the ASME Code, which were developed for shell like
structures (such as shell-and-tube HX), are not strictly applicable to the compact three-
dimensional honeycomb structures of PCHE. New design rules and analyses tools are
needed for this type of structure.

Thermal hydraulic model has been applied to NGNP IHX conditions to calculate the
required size of HX. Sensitivity study of HX parameters was conducted for helium-to-
helium, helium-to-helium/nitrogen, helium-to-salt heat transfer. Calculations were made to
compare the performance of a compact heat exchanger with a shell-and-tube heat
exchanger. The results showed a reduction in compact HX volume of factors of 30
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(compared to a shell-and-tube HX without ID and OD fins) and 5 (compared to a shell-and-
tube HX with ID and OD fins), respectively. The pressure drop increases for the hot side
for the compact HX were factors of 512 (without fins in shell-and-tube HX) and 8 (with fins
in shell-and-tube HX). The corresponding pressure drop increases for the cold side for the
compact HX were factors of 875 (without fins in shell-and-tube HX) and 12 (with fins in
shell-and-tube HX). The results also showed that for an IHX heat duty of =45 MWt, =20
units of compact heat exchanger would be required based on the fabrication size limit
used in the calculations.

For a reactor outlet temperature and pressure of 900°C and 7 MPa, respectively, and a
secondary side inlet temperature and pressure of 575°C and 1.95 MPa, respectively, the
allowable design life (based on in-air tensile and creep rupture strengths of Alloy 617) of
the compact IHX is 80,000 h and that of the shell and tube IHX (for the tube size selected)
is 20,000 h. These design lifetimes are based on analyses of the IHX core and further
reduction in life may result from interaction of the core region with the header region. The
design lifetimes may also decrease, if thin section creep properties (which are generally
less than those of thicker material) are considered. In addition, the effect of impure helium
on creep properties needs to be incorporated in the design data and in the lifetime
calculations. At high temperatures, Alloys 617 and 230 have almost identical YS and UTS
and have similar creep rupture properties. Therefore, replacing Alloy 617 with Alloy 230
may not lead to longer design lifetime for the IHX unless the performance of Alloy 230 in
NGNP helium is significantly superior to that of Alloy 617.
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